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ABSTRACT
A novel approach is introduced in evaluating one of industry’s most complex corrosion
phenomena, high temperature hydrogen attack (HTHA). Limited efforts have been made
by industry to address this degradation mechanism and even less data are available to
properly utilize their evaluation techniques. The predominant fracture mechanics based
analysis of HTHA relies on Charpy V-Notch (CVN) impact test data. In the face of
limited CVN test data, accurate results are shaky at best.
The HTHA evaluation set forth in this paper combines the analysis tools of plastic
collapse and both static and dynamic fracture mechanics. The first condition addresses
plastic collapse. Upon treating the HTHA zone as “lost wall” thickness, a remaining wall
calculation is performed using standard plastic collapse equations. The second condition
evaluates the overall, or “averaged”, fracture toughness. The third and final condition
separates the material’s cross-section into three distinct zones: 1) visually obvious
HTHA zone, 2) unaffected “good wall”, and 3) the fracture toughness degradation zone
(between the two preceding zones). HTHA depth in a material thickness is typically
detected using ultrasonic (UT) testing equipment. Unfortunately, UT only provides a
region of obvious HTHA damage and does not address the additional region suffering
degradation. The fracture toughness degradation zone accounts for this area. These two
degradation zones are considered brittle with the “good wall” treated as unaffected
material. An unstable crack is considered initiated in the degraded zones and gets
arrested in the “good wall”, affording its resistance through dynamic toughness.
Material data (tensile, fracture toughness, and microhardness) from a retired heat
exchanger is collected in order to evaluate its HTHA condition. The microhardness
values allow for determining the fracture toughness degradation zone. Fracture
toughness tests performed are the elastic-plastic technique of crack-tip opening
displacement (CTOD). Due to the low operating stress state of this heat exchanger, the
calculated critical crack lengths are extremely long and both fracture toughness
conditions are satisfactory. The plastic collapse condition is found to be satisfactory.
Further data is presented in this thesis to help address HTHA growth rates and other
metallurgical aspects of a material affecting HTHA resistance.
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CHAPTER 1: INTRODUCTION
1.1

Hydrogen and High Temperature Hydrogen Attack (HTHA) Basics

In an attempt to acquire the lowest energy state possible, hydrogen will typically combine
with available elements to form compounds (i.e. water (H20), hydrochloric acid (HCl),
methane (CH4) and ammonia (NH3)). The ability for a compound to form and its stability
depend primarily upon temperature and pressure. Natural gas, predominantly consisting
of methane, when reformed with approximately 450 psi (3.1 MPa) steam at between
1300-1600ºF (700-870ºC), will decompose into carbon dioxide and hydrogen according
to Eq. [1.1]. Additionally, upon decomposition, hydrogen finds its lowest energy state at
that temperature and pressure, which is in its molecular form.
Niibasedcatalyst ,1300 −1600° F , 450 psig
CH 4 + H 2 O 

→ CO + 3H 2

∆H=+206kJ

[1.1]

Thus, equipment in the chemical industry involved in the decomposition of natural gas
contains a significant portion of molecular hydrogen. However, due to thermodynamic
equilibrium factors between molecular hydrogen and atomic hydrogen, minute
concentrations of atomic hydrogen will also exist in the process stream. In aqueous
process streams such as in the refining of crude oil with high sulfur content, hydrogen
that breaks from its compound will not form molecular hydrogen. The substances that
prevent this recombination reaction of hydrogen atoms are termed “poisons” and include
sulfur, phosphorus, arsenic, selenium, antimony, and tellurium, and the ion CN-.
Elements of interest that are readily diffusible into a metal substrate include the
interstitial atoms carbon, atomic nitrogen, and atomic hydrogen. Additional interstitial
atoms include atomic oxygen, and boron. Molecular nitrogen and hydrogen, as well as
oxygen, are not readily diffusible into a metal substrate due to their relatively large size
compared to the available interstitial space. Therefore, for hydrogen to assert its
diffusive nature, it must reach its atomic state. One such facilitator of hydrogen to its
atomic state is a clean metal surface. Contrary to a clean surface, a fouled surface such as
one with a strong oxide layer can provide some deterrent to hydrogen entering a metal.
Unfortunately, a stable oxide layer is not attainable in most processes due to the reducing
environment that the hydrogen atmosphere provides.
As mentioned, the stability of a hydrogen compound is dependent upon pressure and
temperature. At high temperatures, the increase in entropy, or random disorder, within
the free energy consideration becomes a governing factor in the stability of a compound.
Bond distances continue to increase with rising temperature, thereby increasing the
propensity for separation of a hydrogen molecule under favorable conditions.
Additionally, the higher temperature allows a higher interstitial jump rate of the hydrogen
atoms within the metal, producing greater mobility of the hydrogen. Surface pressure
enables increased hydrogen dissolution at the surface increasing the hydrogen
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concentration gradient, thereby increasing the chemical potential gradient, resulting in a
greater entry of hydrogen into the metal.
Considering hydrogen in steel, atomic hydrogen will gravitate to areas of high strain,
favorable internal surface features, such as inclusions, grain boundaries, and dislocations,
or could become pinned by other interstitials, atoms, or compounds. Carbon exists in
steel in solid solution as a constituent of a carbide phase or phases. At appropriate
temperatures, hydrogen is known to react with carbon in the iron carbide phase to
produce methane gas.
Fe3C → 3Fe + C

[Decomposition of iron carbide]

[1.2]

C+2H2 → CH4

[Reaction of H and C to produce methane]

[1.3]

Such a reaction is thermodynamically more favorable at higher temperatures. A zone of
“decarburization” becomes apparent at the hydrogen-rich surface of the steel (Fig. 1-1)
and grows inward as a function of the mobility of the carbon atom, which is time and
temperature dependent. Carbon concentration gradients at the decarburization zone drive
the carbon toward the hydrogen-rich surface. The carbon is consumed at the surface by
the reaction to form methane.

Carbide

Decarburized Zone

Figure 1-1: Surface decarburization (500X)
As the hydrogen permeates through the material substrate, either through standard lattice
diffusion or through specialized delivery systems such as dislocation gliding, hydrogen
will accumulate at grain boundaries and inclusions. The hydrogen at these locations can
recombine to form molecular hydrogen or can react with carbon to produce methane.
Both products will produce significant pressure at the grain boundary or inclusion and
will hence provide a greater strain, thereby increasing the chemical potential gradient and
increasing the influx of hydrogen. The pressure will build up in the grain boundary to the
cohesion strength of the steel and result in intergranular separation, termed fissuring (Fig.
1-2 [1]), or will build at inclusion interfaces (Fig. 1-3), producing constantly enlarging
2

voids. Linkage of these voids, with the assistance of grain boundary fissuring, leads to
step-wise cracking and ultimately blistering. In these instances, the material becomes
irreversibly damaged. This high temperature hydrogen attack (HTHA) typically occurs
above 400ºF (200ºC) at relatively high hydrogen partial pressures.

Figure 1-2: Hydrogen-induced fissuring (500X)

Decarburization occurring

MnS (dark discontinuous
inclusion)

Figure 1-3: Initiation of void formation along MnS stringer (100X)
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Figs. 1-4, 1-5, 1-6, and 1-7, respectively provide visualization of the development of void
enlargement at an inclusion (manganese sulphide, MnS), connection of voids through
step-wise cracking, complete separation of inclusion from matrix, and ultimate blistering
of the soft matrix. Observation of the initiation of the decarburized zone (lightened zone)
around the manganese stringer reveals the role played in the generation of methane in the
voids. As with surface diffusion, once the “free” carbon is consumed, the carbides begin
to dissociate in an attempt to re-saturate the matrix with fresh carbon. The pace of void
enlargement is related to the diffusion of carbon to the voids.

Figure 1-4: Step-wise cracking (500X)

Figure 1-5: Step-wise cracking
connecting two MnS
bodies (500X)

Figure 1-6: Complete separation along
MnS stringers

Figure 1-7: Blister formation

At stable operating temperatures and pressures, the local increase in concentration of
hydrogen does not imply local supersaturation, as long as the state of stress is maintained.
However, supersaturation may result at these sites after the stress has been decreased, for
4

example, as a result of extension of a nearby crack and the accompanying relief of stress.
Only then will there be a greater tendency for this hydrogen to precipitate from solution
in the lattice or perhaps to react chemically.
At room temperature and atmospheric pressure, there exists a maximum solubility of
hydrogen in a metal. Under operating conditions, this room temperature maximum may
be exceeded due to thermal considerations. The internal stresses developed by the
internal pocket may increase due to this supersaturation to a point where severe
mechanical deformation occurs, thereby assisting blister formation in plain carbon steels.
Studies have shown that crack growth can occur in 2.25Cr-1Mo steel heat treated to
strength levels greater than about 100 ksi (689 MPa), if it contains more than 3 ppm of
hydrogen and is under suitable stress.
1.2

History of the Nelson Diagram and the 1991 Revision

In 1949, the original version of the Nelson Diagram was published by the American
Petroleum Institute (API). The Nelson Diagram (Appendix D) is a collection of
equipment successes and failures in regards to HTHA over a wide range of temperatures
and hydrogen partial pressures. The various modes of attack (i.e. surface decarburization,
fissuring and decarburization) on the equipment data points are distinguished. The
Nelson Diagram consists of a curve for each of the following materials: carbon steel,
0.5Mo steel, 1.0Cr-0.5Mo steel, 1.25Cr-0.5Mo steel, 2.25Cr-1.0Mo steel, 2.25Cr-1Mo-V
and 3.0Cr-1Mo steels (same curve), and 6.0Cr-0.5Mo steel. These curves provide
operating limitations for specific steels in high temperature hydrogen service. Below and
to the left of the curve is considered as a safe operating region.
In 1970, API released its first edition of API Publication 941, Steels for Hydrogen
Service at Elevated Temperatures and Pressures in Petroleum Refineries and
Petrochemical Plants [1]. This document carried the Nelson Diagram as its centerpiece.
Subsequent revisions of API Publication 941 in 1970, 1977, 1983, 1990, and 1997,
allowed interpretation of new data and produced necessary changes to the Diagram.
The major revision of the Nelson Diagram resulted from a continuous set of new data
revealing the inaccuracies of the 0.5Mo steel curve. The 1983 edition marked the first
cited cases of hydrogen attack below the existing 0.5Mo curve. Eight cases were cited in
this edition and several more have been cited since this date. In the 1990 edition, the
0.5Mo curve was removed from the Nelson Diagram; however, it still appears in API
Publication 941’s Appendix A-1, for historical purposes. Carbon half molybdenum
material is now based on the plain carbon steel curve.
A review of the fallacy of the 0.5Mo curve, recently made by Prescott [2], indicated the
wide ranging effects on 0.5Mo material of varying heat treatment and impurity levels. Of
particular importance are the detrimental effects of phosphorus and sulfur, which
depending upon the grade of the material will have variable maximum impurity
concentrations. Aluminum in amounts greater than 0.02 weight-percent is also shown to
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have detrimental effects on HTHA resistance. Prescott indicated that the 0.5Mo curve
may be valid if the appropriate thermal treatment is applied, which results in the most
stable carbide phase. Prescott indicated that the “most resistant microstructure at the heat
affected zone (HAZ) is obtained by normalizing at 1688ºF (920ºC) and postweld heat
treating close to 1200ºF (650ºC). Base metal should be normalized at 1688ºF (920ºC)
and tempered in the 1200-1250ºF (650-675ºC) range.” Prescott also addressed
unacceptable fabrication techniques for high temperature hydrogen service. Material in
the hot-rolled, hot-formed, and as-welded condition are not acceptable due to the
inappropriate shape factor of the carbide phase.
1.3

Potential Problems of HTHA in the Ammonia Industry

Prior to the cited HTHA cases of the 0.5Mo material in 1983, the 0.5Mo steel was
deemed an acceptable material if used under Nelson’s guidelines. Since many of the
processes in the industry fell within the operating limitations of the curve for this steel,
many of the vessels and exchangers were manufactured of the 0.5Mo steel.
1.4

Basic Processes and Equipment Used in the Ammonia Industry

Commercial production of ammonia began in 1913 using the Fritz Haber process. The
Natural Gas Corporation of New Zealand [3] outlines the production of ammonia (Figure
1-8 [4]) as follows: First, “synthesis” gas is produced by reforming natural gas (methane)
and steam to hydrogen and carbon monoxide over a catalyst at between 1300-1600ºF
(700-870ºC) at 450 psig (3.1 MPa) according to Eq. [1.1]. Air is then added in the
secondary reformer over another catalyst to provide the nitrogen needed for ammonia
synthesis. Unconverted methane is oxidized to carbon monoxide.
2CH 4 + (O2 + 4 N 2 )air → 2CO + 4 H 2 + 4 N 2

∆H=-72kJ

[1.4]

In a final “shift conversion”, the gases are passed over an iron catalyst where excess
steam from the reforming process oxidizes the carbon monoxide to carbon dioxide and
produces additional hydrogen.
CO + H 2 O FeCatalyst
  , 450
psig
→ CO2 + H 2

∆H=-40kJ

[1.5]

This step is typically completed using a two stage process consisting of a High
Temperature Shifter and a Low Temperature Shifter. Newer plants typically only use a
High Temperature Shifter in conjunction with a Pressure Swing Absorption (PSA) unit.
Most High Shifters operate at about 662ºF (350ºC) inlet temperature and lower CO level
from 10-15 mol-percent (dry) to 1-2 mol-percent (dry). The Low Shifter operates at
about 374-410ºF (210ºC) inlet temperature and lowers the CO level from 1-2 mol % (dry)
to 0.1-0.2 mol-percent (dry).
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The carbon dioxide is then removed by any of a number of proprietary processes such as
absorption in a hot potassium carbonate solution or amine solution. The mixture is then
passed over a nickel based “methanation” catalyst which converts any residual carbon
oxides back to methane to prevent poisoning of the final catalyst used in the ammonia
process. This process occurs in a Methanator.

Figure 1-8: Ammonia production process
The gas stream now contains nitrogen and hydrogen in the right proportions to make
ammonia. The Haber process is used to carry out the reaction over an iron catalyst in a
Synthesis Converter at high pressure.
, 2000 −5000 psi , 930° F
N 2 + 3H 2 FeCat

   → 2 NH 3

∆H=-92kJ

[1.6]

Equipment operating above the carbon steel curve includes the following:
•
•
•
•
•
•
•

103C – Primary Shift Effluent Waste Heat Boiler
104C – Methanator Feed Preheater
114C – Methanator Effluent/Boiler Feed Water Heater (BFW) (Inlet end only)
123C – Ammonia Converter Effluent/BFW Heater (Inlet end only)
104D – High Temperature Shifter
105D – Ammonia Converter (Outlet end only)
106D – Methanator
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Extent of coverage of a particular vessel will depend on plant process specific attributes.
A recent survey of a 32 year old plant studied the above seven pieces of equipment, as
well as interconnecting piping, for HTHA [5]. The plant used a rating system of
Category A to D based on the degree of damage detected by ultrasonics.
•
•
•
•

Category A = Severe Hydrogen Attack
Category B = Moderate Evidence
Category C = Minor Evidence
Category D = No Evidence of Hydrogen Attack

Table 1-1 and Fig. 1-9 portray their findings.
Table 1-1: Plant HTHA survey results
Equipment
Number

Materials-As
Identified by
Metascope

104D

C-1/2 Mo

103C Channel
104C

C-1/2 Mo
C-1/2 Mo &
1.25Cr-1/2Mo
C-1/2Mo
C-1/2Mo
C-1/2Mo &
1.25Cr-1/2Mo
C-1/2Mo
C-1/2Mo &
1.25Cr-1/2Mo
C-1/2Mo &
1.25Cr-1/2Mo
C-1/2Mo

106D
114C-Hot End
105DA,B,C,D
123C-Hot End
102C-104D
Piping
104D-103C
Piping
103C-104C
Piping
104C-106D
Piping
106D-114C
Piping
105D-123C
Piping

C-1/2Mo &
1.25Cr-1/2Mo
C-1/2Mo &
1.25Cr-1/2Mo
C-1/2Mo &
1.25Cr-1/2Mo

Operating
Temperature
ºF (ºC)

Hydrogen
Partial
Pressure
psia (MPa)
260 (1.79)

Ultrasonic
Hydrogen
Damage
Severity
D

450 (3.10)
245 (1.69)

C&D
B&D

601 (316)
712 (378)
712 (378)

225 (1.55)
295 (2.03)
295 (2.03)

A&B
B
D

621 (327)
700 (371)

995 (6.86)
260 (1.79)

A&B
D

813 (434)

260 (1.79)

C&D

621 (327)

245 (1.69)

D

601 (316)

225 (1.55)

C&D

712 (378)

295 (2.03)

B

621 (327)

(995) 6.86

A&B

700-813
(371-434)
473 (245)
621 (327)
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1.5

Current Design Codes, Guidelines and Industry Practices

Pressure vessels over 15 psig (0.1 MPa) are designed in accordance with ASME Section
VIII Div 1, 2, or 3, or an equivalent foreign country code. However, these codes do not
address service conditions. As mentioned, API produces the relevant high temperature
hydrogen guideline API Publication 941. In the ammonia industry, this publication is
considered the predominant reference for this type service. Additional reference material
focusing on the ammonia industry design problems is found through the National
Association of Corrosion Engineers (NACE), the American Institute of Chemical
Engineers (AIChE) Ammonia Safety Symposium, and The Materials Properties Council,
Inc. API also published API Publication 946-“The Effect of Outgassing Cycles on the
Hydrogen Content in Petrochemical-Reactor-Vessel Steels” [6]; however, this
publication has since been withdrawn.

Figure 1-9: Operating conditions of equipment in HTHA survey

API Publication 579-“Fitness for Service”[7] is a relatively recent code dedicated to
addressing post fabrication issues of equipment. Included in this code are specific
practices for addressing blisters, although not intended for HTHA material, and general
practices for addressing HTHA damage. API Publication 579 is fundamentally based on
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fracture mechanics and provides a collection of fracture properties of numerous materials.
P.F. Timmins’ “Solutions to Hydrogen Attack in Steels” (1997) [8] uses fracture
mechanics to determine either critical crack length or design pressure based on fracture
toughness values using Charpy tests and 0.2% offset yield strength at operating
temperatures.
As expressed in a recent presentation at the AIChE Ammonia Safety Symposium,
mention was made to justification of operating HTHA vessels based on evaluation of the
remaining non-HTHA wall thickness using standard design formulas. The author
presented this approach as “conservative” [5]. Through hearsay from some ammonia
plant pressure vessel engineers, this HTHA wall thickness reduction is a popular
approach to deciding the serviceability of a HTHA vessel. The amount of “lost” wall
includes both the actual HTHA thickness and the expected loss until the next scheduled
equipment shutdown and inspection.
1.6

Original Work Objectives

The incipient idea of evaluating fitness-for-service of HTHA equipment resulted from
experience with the identification and evaluation of HTHA of a cross-over line between
the 102-D Secondary Reformer and a 101-C Waste Heater Boiler. Moderate HTHA
damage was noticed and since the “lost” wall approach was not convincing, the crossover line was replaced. Such a decision is costly and repairs are time consuming. Due to
the age of several ammonia plants (ranging from 27-36 years), significant decisions in the
future will have to be made concerning fitness-for-service of HTHA materials. In many
cases, a lining and protective refractory can become damaged, resulting in the underlying
steel to be attacked. If the attack is at acceptable depths, the lining and refractory could
be repaired and the equipment deemed fit-for-service.
Much of the directives for addressing HTHA through fracture mechanics are general in
nature and provide no useful fracture toughness data. There exists only limited data for
most materials, including the priority steel, C-0.5Mo. Data that is reported to exist is
predominantly not available due to its proprietary nature. The data found is based on
Charpy impact tests and not on the more qualified approach of the Crack Tip-Opening
Displacement (CTOD) or J-integral tests. Additionally, no confidence existed with the
data that was found, as it was not descriptive of depth of attack, chemical composition, or
heat treatment history. Thus, the primary basis for this research became the development
of a fracture mechanics approach based on CTOD or J-integral for design conditions.
Fracture toughness values are the lowest at the vessel’s minimum design temperature.
Based on data observed, the fracture toughness at room temperature is on the order of 3-5
times less than under operating conditions. Hence, startup temperatures will typically be
the governing factor. Many of the vessels mentioned susceptible to HTHA are subjected
to sweeping nitrogen purge gas at or near the operating pressures at ambient temperatures
prior to startup. Damage during pre-startup could lead to catastrophic damage occurring
during operation at only hours or days past the startup.
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In addition to the treatment of the wall at an averaged fracture toughness value, a study of
the appropriateness of alternative methods is being made. One such method is to treat
only the “good” steel depth as the fracture arresting material, and treat the depth of attack
plus additional “materially affected” steel depth as the crack length. Evaluation is
considered at high strain rates, since the crack would impact the “good” material at a high
velocity. There have been no such approaches noticed to date in literature addressing
HTHA degradation of material properties in this manner.
The audience for this research includes the practicing engineer, metallurgist and nonmetallurgist. Intent of the paper is to provide 1) a basic background of HTHA, 2) an
understanding of the processes and equipment in the ammonia industry affected by
HTHA, 3) a basic understanding of the incubation and growth of HTHA, 4) the fracture
mechanics fundamentals supporting the ultimate evaluation equations, and 5) an
experimental evaluation of a hydrogen attacked vessel.
1.7

Work Scope for Completion of Objectives

Fracture toughness values are determined using CTOD techniques. The samples will be
subject to chemical analysis, light microscopy, mechanical properties (strain hardening
coefficient, strength coefficient, tensile test, and yield strength) and macrohardness. In
order to evaluate changing properties across the sample wall, microhardness vales will be
taken on selected samples. Fracture toughness test samples will be subject to
fractography, and selected samples will be studied using a scanning electron microscope.
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CHAPTER 2: METALLURGICAL ASPECTS
2.1

Diffusion Basics and Hydrogen Mobility

Hydrogen diffusion occurs through the metal lattice interstitial spaces in its atomic form.
The driving force for the diffusion of hydrogen is a gradient in the chemical potential that
results from a gradient in the lattice hydrogen concentration or from a gradient in the
hydrostatic component of an elastic stress field. Electric fields and temperature gradients
are also influencing factors. Hydrogen will diffuse towards an elastic stress field that is
tensile. Thus, stress gradients such as those produced by notches, other sharp defects
(inclusions or cracks), bending moments, or the elastic stress field of a dislocation can
provide a driving force for diffusion. The amount (flux) of hydrogen that diffuses will be
proportional to the triaxial component of the stress.
The expression for diffusivity is the following:

DT = Do e −Q / RT

[2.1]

where,
DT
Do
Q
R
T

= diffusivity at temperature, T
= pre-exponential term
= activation energy
= universal gas constant
= temperature in absolute scale

The measured or effective diffusivity, D*, may be different from the true diffusivity, D.
A plot of log D versus 1/Tabs for various steels, based on measurements by Johnson and
Hill [9] is shown in Fig. 2-1. The values of D* are in accordance with Eq. [2.1];
however, the activation energies for diffusion in α-Fe (ferrite), represented by the slopes
of the two straight-line segments, at temperatures above and below a temperature of
about 400ºF (200ºC) are significantly different. The low effective diffusivity values and
the much higher activation energy for diffusion at temperatures below 400ºF (200ºC) are
explained on the basis that interstitial diffusion is hindered at these lower temperatures by
the presence of traps that capture and delay migrating hydrogen atoms. Lattice diffusion
estimates produce diffusion coefficients of 6 to 8X10-9m2/s, but Oriani’s [10]
experimental trapping models at 300K (540ºR) show diffusion coefficients of 2 to 3
orders of magnitude less.
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Figure 2-1: Diffusion of hydrogen in various steels
2.2

Hydrogen Trapping and Solubility

Sievert’s law [8] provides a basic understanding of the concentration of hydrogen gas in a
metal:
C H = k ( pH 2 )1 / 2

[2.2]

where,
CH
k
pH2

= concentration of hydrogen
= constant dependent upon temperature and crystal structure
= partial pressure of molecular hydrogen

Fig. 2-2 provides hydrogen solubility curves over a range of temperatures and pressures
following the equilibrium expression in Eq. [2.2]. Some basic understandings of
hydrogen solubility are obtained from Fig. 2-2 [8]:
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•

Hydrogen has about 30 ppm solubility in liquid steel, 14 ppm in hot solid
steel, and 2 ppm in cold solid steel.

•

The solid solubility in face-centered cubic (fcc) gamma iron is much higher
than in body-centered (bcc) alpha iron (as for carbon steel).

•

Solubility decreases with decreasing temperature.

Figure 2-2: Hydrogen solubility curve
At temperatures below 750ºF (400ºC), observed solubility of hydrogen (Fig. 2-3) is
generally much higher than predicted values due to accumulation of hydrogen in “traps”.
At room temperature, the dissolved hydrogen may be only a small fraction of the total
hydrogen content. More trapping occurs as temperature increases; however, irreversible
traps may let loose their hydrogen at high temperatures. Material factors such as cold
working or the presence of nonmetallic inclusions, which tends to increase the number of
trapping sites, or the area and volume of internal voids, can markedly increase the
apparent solubility.
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Figure 2-3: Trapping effects on hydrogen solubility
The tendency for a trap to hold hydrogen is related to the energy of the trap (∆E) and to
the nature of the trap, which takes one of two forms:
•

Attractive trap (reversible): a region of the crystal lattice where hydrogen
atoms are subjected to a drawing force, which pulls the atoms to the center of
the region.

•

Physical trap (irreversible): a modification of the ideal crystal lattice,
resulting in an energetically more favorable site for hydrogen to stay.
Examples are high-angle grain boundaries, incoherent particle/matrix
interfaces, and voids.
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Table 2-1: Hydrogen binding energy for various traps

In general it is accepted that grain boundaries do not affect diffusion to any appreciable
extent and it is often concluded that grain boundaries do not act as trapping sites. High
angle grain boundaries have a low trapping potential for hydrogen, with values on the
order of ∆EB equal to approximately 2 kcal/gmole. Table 2-1 [27] shows much greater
trapping occurring at carbide interfaces, dislocations, and internal voids. Table 2-2 [27]
details the composition and deformation level effects on hydrogen binding energies. As
observed in Table 2-2, the greater deformation levels produce greater binding energies.
Table 2-3 provides a display of the dependence of hydrogen trap density to carbon
content; an increase in carbon content clearly increases the density of hydrogen traps,
which follows the indication in Table 2-1 that significant binding energies are associated
with carbide interfaces.
Table 2-2: Composition and deformation level effects on hydrogen binding energy
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Table 2-3: Hydrogen trap density for varying compositions

2.3

Incubation Times for High Temperature Hydrogen Attack (HTHA)

HTHA incubation times have been calculated for plain carbon steel according to the
following equation:

t i = CPE− n exp[

Q
]
RT

[2.3]

where,
C
PE
n
Q
T

= constant = 1.39X106
= exposure pressure (psig)
= constant t = 3
= activation energy = 14.6kcal/mol
= absolute temperature

Birring [29] has calculated the life of C-1/2 Mo HTHA steel using the expression of Eq.
[2.3] and basing the constants and activation energy as the time necessary to reach a
reduction of impact energy by 50% of the original value. His results appear in Eq. [2.4]
and are based on experimental Charpy impact tests shown in Fig. 2-4 [29].
−5

t = 3.92 X 10 P

 1.897 X 105

−5.312  8.317

e
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[2.4]

where,
P
T
t

= hydrogen partial pressure (MPa)
= absolute temperature (K)
= estimated time (hrs)

The three curves for each physical property are believed to represent three different
materials. Unfortunately, the source for the figure was illegible and this information
could not be discerned.

Figure 2-4: CVN test data for C-1/2 Mo HTHA remaining life

Results from Eq. [2.3] should always be compared with reported service failures to assure
adequate agreement. API 579 [7] has compiled a history of HTHA service failures. This
work appears in Fig. 2-5 [1]. Data points in this figure indicate individual case histories.
The data labels indicate time to incubation (e.g., <17,000 hours) and API 579 case history
sources (e.g., A), respectively. Each curve represents incubation time in hours.
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Figure 2-5: HTHA service failure incubation times

2.4

Carbide Characteristics Under HTHA Conditions

Chiba [30] has shown that 0.5Mo carbon steel is resistant to hydrogen attack at
conditions below the limit curve of 0.5Mo when tempering was performed to precipitate
M23C6 carbide. To achieve this, tempering at 1160ºF (625ºC) for five hours was effective
for steel which was austenitized at 1740ºF (950ºC) and cooled at a rate of 360ºF (180ºC)
per hour. Chiba also found that M23C6 in conjunction with Mo2C precipitates in the
matrix was necessary for resistance to hydrogen attack. Goldschmidt identified the
M23C6 carbide in 0.5Mo carbon steel as Fe21Mo2C6. Evaluation of outlet piping of a
Converter by Air Products and Chemicals in 1984 [31] revealed that the carbide structure
for their 0.5Mo steel pipe consisted of all M3C up to one weight percent molybdenum.
This indicated that the pipe’s resistance to hydrogen attack was about the same as that of
carbon steel.
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Table 2-4 shows the dramatic effect of how increasing the number of carbides and
reducing the size of the carbides increases the number of trapping sites. Heat treatment
has a profound effect on the size of these carbides.
Table 2-4: Carbide size dependence of number of hydrogen trapping sites

In addition to the size of the carbide, the shape of the carbide is of paramount importance.
Heterogeneous nucleation of second phase particles and/or gas phases is known to occur
at a much greater rate than homogenous nucleation. Thus, for example, during rolling of
tubes, elongation of carbides will produce a favorable site for second phase nucleation.
As such, rolled products, have the countering effect of producing greater trapping sites
due to the increased number of dislocations and producing more favorable second phase
nucleation sites.
2.5

Dislocations, Carbon Cloud Pinning, Strain Hardening, and Recovery

Strain hardening results from a dramatic increase in the number of dislocation-dislocation
interactions which reduces dislocation mobility. As a result, larger stresses must be
applied in order for additional deformation to take place. Some dislocation-dislocation
interactions include: 1) dislocation pileups at strong obstacles such as Cottrell-Lomer
locks and 2) heavily jogged dislocations.
Carbon and nitrogen atoms possess a strong attraction for both edge and screw
dislocations within the BCC iron lattice; accordingly, a solute “atmosphere” is formed
around each dislocation core. Since these dislocations are “pinned” by such solute
atmospheres, dislocation motion is severely restricted until a sufficiently high stress (the
upper yield point) is applied to enable dislocations to rip free and move through the
lattice. These unpinned dislocations multiply rapidly by a multiple-cross slip mechanism.
As a result, the number of mobile dislocations increases sharply, yielding becomes easier,
and the load necessary for continued deformation decreases to the level associated with
the lower yield point. As additional regions deform in this manner, the stress level
remains relatively constant until essentially all dislocations have broken free from their
respective solute atom clusters. At this point continued deformation takes place by
homogenous plastic flow.
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The stress necessary for further deformation depends on the mean free dislocation length,
L:
Gb
τ∝
[2.5]
L
where,
τ
G
b

= applied shear stress
= shear modulus
= atomic distance between equilibrium positions

Since the dislocation density is proportional to 1/L2, this equation may be written in the
form:
∆τ ∝ Gb ρ

[2.6]

where,
ρ
∆τ

= dislocation density
= incremental shear stress necessary to overcome dislocation
barriers

With increasing plastic deformation, ρ increases resulting in a decrease in the mean free
dislocation length L.
The portion of the true stress-strain curve (from the onset of yielding to the maximum
load) may be described empirically by the relationship:

σ T = K 1ε Tn

[2.7]

where,
σT
εT
n
K1

= true stress
= true plastic strain
= strain-hardening coefficient
= material strength constant, defined as the true stress at a true
strain of 1.0

The magnitude of the strain-hardening coefficient reflects the ability of the material to
resist further deformation. The strain hardening coefficient, n, may equal unity, which
represents ideally elastic behavior, or equal zero, which represents an ideally plastic
material. Exponent “n” values are sensitive to thermo-mechanical treatment; they are
generally larger for materials in the annealed condition and smaller in the cold-worked
state. It is known that the general flow curve for a given material will decrease with an
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increasing temperature and a decreasing strain rate. BCC metals are much more sensitive
to temperature and strain rate than FCC materials.
There exists a similar relationship between stress and strain rate:

σ T = K 2 ε T'm

[2.8]

where,
σT
ε’T
m
K

= true stress
= true strain rate
= strain rate sensitivity factor
= material constant

For most metals m is low and varies between 0.02 and 0.2. Under certain conditions
wherein m>0.3, a given material may exhibit a significant degree of strain-rate sensitivity
in association with superplastic deformation behavior. In the limit where m equals one,
the stress-strain rate material response is analogous to that associated with Newtonian
viscous flow. At low strain rates, below about 10-3/s, material behavior is characterized
by its creep and stress rupture response. At strain rates between 103/s and 105/s, the
material experiences impact conditions and may fail with reduced fracture energy.
Ballistic conditions occur with strain rates above 105/s and involve the shock-wavematerial interactions associated with such circumstances as projectile impact and high
energy explosions.
It is known that the highly oriented grain structure in a wrought product, which has a high
dislocation density (1011 to 1013 dislocations/cm2), remains stable only when the
combination of stored strain energy (related to the dislocation substructure) and thermal
energy (determined by the deformation temperature) is below a certain level. If not, the
microstructure becomes unstable and new strain-free equiaxed grains are formed by
combined recovery, recrystallization, and grain growth. These new grains will have a
much lower dislocation density (in the range of 104 to 106 dislocations/cm2). Recovery
for steels typically occurs in the 700-950ºF (370-510ºC) range with recrystallization
occurring above this range.
2.6

Strain Aging and Temper Embrittlement

Strain aging is a type of behavior, usually associated with the yield-point phenomenon, in
which the strength of a metal is increased and the ductility is decreased on heating at a
relatively low temperature after cold-working. A low value of strain-rate sensitivity also
occurs. The phenomenon is related to the cycle of interstitial cloud pinning of
dislocations, release, and reattachment. To control strain aging, it is usually desirable to
lower the amount of carbon and nitrogen in solution by adding elements which will take
some of the interstitials out of solution by forming stable carbides and nitrides.
Aluminum, vanadium, titanium, columbium, and boron have been added for this purpose.
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Temper embrittlement refers to the decrease in notch toughness which often occurs in
alloy steels when heated in, or cooled slowly through, the temperature range 800-1100ºF
(1475-600º). The major consequence of temper embrittlement is found to be an increase
in the tough-brittle transition temperature and is associated with intercrystalline failure
along prior austenite grain boundaries. Embrittlement results from the segregation of
impurity elements at prior austenite grain boundaries as a result of exposure to the 8001100ºF (1475-600º) temperature range. The most embrittling elements are antimony,
phosphorus, tin, and arsenic. The severity of embrittlement depends not only on the
amount of poisonous elements such as Sb, Sn, and P, but also on the overall composition
of the alloy. Thus, proper control of the material composition and impurities can reduce
the susceptibility to temper embrittlement. It has been argued that segregation of
impurities such as Sb reduces the cohesive energy of the grain boundary which, in turn,
lowers the local stress necessary for fracture. Steels that have suffered temper
embrittlement can be restored to their original toughness by heating to above 1100ºF
(600ºC) and cooling rapidly to below about 570ºF (300ºC).
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CHAPTER 3: FRACTURE MECHANICS
3.1

Fracture Toughness, Plane Strain/Stress, CDR/CLR, and LEFM

Toughness is a material characteristic of its resistance to fracture, measured in units of
energy:
energy / volume = ∫ σ ⋅ dε
εf

[3.1]

0

where,
σ
ε

= stress (ksi)
= strain (in/in)

A material toughness is affected by the thickness of the work-piece. If at least one of the
principal stresses or strains can be assumed zero, then plane stress and plane strain can be
assumed, respectively. For plane stress, there exists no normal force in one direction, and
thus there exists no constraining force in this direction. However, for plane strain, there
is a constraining force and a triaxial stress state exists.
A. A. Griffith [33] noted that when a crack is introduced to a stressed plate of elastic
material, a balance must be struck between the decrease in potential energy (related to the
release of stored elastic energy and work done by movement of the external loads) and
the increase in surface energy resulting from the formation and spread of a crack.
Griffith’s analysis resulted in the following relationship:

σ=

2 Eγ S
π ⋅a⋅F

[3.2]

where,
σ
E
γS
a
F
ν

= applied stress (psi)
= modulus of elasticity (psi)
= specific surface energy (lbf/in)
= characteristic crack length (in)
= 1 for plane stress and (1- ν2) for plane strain
= Poisson’s ratio

Irwin rewrote this equation by relating it to the elastic energy per unit crack-length
increment:
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σ=

EG
π ⋅a⋅F

[3.3]

where,
G

= elastic energy release rate (lbf/in)

For an elastically loaded body containing a crack of length a, the amount of stored elastic
energy is given by the following:
V=

1
1 P2
P ⋅δ =
2
2M

[3.4]

where,
V
P
δ
M

= stored strain energy (in-lbf)
= applied load (lbf)
= load displacement (in)
= body stiffness for crack length a (lbf/in)

If the crack extends by an amount da, the necessary additional surface energy is obtained
from the work done by the external body forces P dδ and the release of strain energy dV:

G=

dU
dδ dV
=P
−
da
da da

[3.5]

Upon further evaluation, two equations for elastic energy release rate are created. The
first equation is termed the constant displacement rate (CDR) and the second equation is
termed the constant load rate (CLR).
1 2 ∂ (1 / M )
 ∂U 

 =− P
2
∂a
 ∂a  δ

[3.6]

1 2 ∂ (1 / M )
 ∂U 

 = P
∂a
 ∂a  P 2

[3.7]

where,
U

= deformation energy (in-lbf)
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Graphic representation of CDR and CLR are shown in Figs. 3.1 [33] and 3.2 [33].

Figure 3.1: CDR graphical
representation

Figure 3.2: CLR graphical
representation

Stress analysis of cracks can be done under three main regimes: Mode I (tension), Mode
II (shear), and Mode III (twist). In its most general form, stress analysis, under linear
elastic fracture mechanics (LEFM), is completed using a material’s fracture toughness
(K), the applied stress, a geometry factor, and the characteristic crack length by the
following equation:

K = Y ⋅σ π ⋅ a

[3.8]

where,
K
Y
σ
a

= stress intensity factor (ksi √in)
= geometric factor
= applied stress (ksi)
= characteristic crack length (in)

The stress intensity factor, K, is related to the elastic energy release rate, G, by the
following LEFM equation:

G=

K2
F
E

[3.9]

where,
F

= 1 for plane stress and (1- ν2) for plane strain

Also, assuming small scale yielding within LEFM, the plane stress intensity factor (KC)
can be approximately related to the plane strain intensity factor (KIC) by the following:
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 1.4  K
K C = K IC 1 + 2  IC
 B  σ y


1






4

2




[3.10]

where,
B
σy

= thickness (in)
= yield strength (ksi)

Thus far, the characteristic crack length, a, has been taken as the actual crack length in an
elastic medium. However, when a plastic zone exists, this region of plasticity makes the
material behave as though the crack were slightly longer. Thus, an effective crack length
must be used instead of a in the case of a consequential amount of plasticity. This
effective crack length is equal to a + ry. Both Irwin and Dugdale have made evaluations
of ry, the plastic zone radius. Dugdale’s strip model [33] assumes plane stress conditions
and a non-hardening material. Irwin’s model [33] is better suited for the evaluation
carried out in this research and his expression follows:
ry =

1 K2
B ⋅ π σ ys2

[3.11]

where,
σys
B

= yield stress (ksi)
= 2 for plane stress and 6 for plane strain

An observation can be made that the plastic zone is about three times larger for the plane
stress condition than the plane strain condition. The triaxial stress state of the plane strain
results in a greater contracting force on the plastic zone.
Using the effective crack length, an effective stress intensity factor, Keff, can be created
for small scale yielding:
K eff =

σ π ⋅a
 1 σ
1 − 
 B  σ ys







2






[3.12]

1
2
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3.2

Deviations from LEFM

The flow stress, σf, can be thought of as the effective yield strength of a work hardened
material. The use of a flow stress concept permits the real material to be treated as if it
were an elastic-plastic material which can be characterized by a single strength
parameter. The flow stress can then be used, for example, as the stress level in the
material that controls the resistance of a cracked structure to failure by plastic collapse.
The following expression of flow stress is recommended for most assessments:

σf =

(σ

ys

+ σ uts )

[3.13]

2

where,
σf
σuts

= flow stress (ksi)
= ultimate tensile stress (ksi)

Since the stress concentrations at a crack tip will often elevate the applied stress above
the level necessary for irreversible plastic deformation, a zone of plastically deformed
material will be found at the crack tip, embedded within an elastically deformed media.
Since much more energy is dissipated during plastic flow than during elastic deformation,
the toughness of a notched sample should increase with the potential volume of the cracktip plastic zone.
Following Paris’s description [33], the stress-strain of the crack tip zone may be
classified according to the following regimes:
1) Elastic (linear or nonlinear): An elastic crack tip zone is characterized by a small
scale of plastic yielding in the crack front zone. The size of the plastic zone is at
least an order of magnitude smaller than the least geometric dimension of the
specimen or component.
2) Elastic-Plastic: An elastic-plastic regime refers to bodies with a significant plastic
zone at the crack tip, meaning it can have an intermediate scale of plastic yielding.
The degree of plasticity is such that linearity may be assumed to apply to both the
strains and the plastic or viscoelastic constitutive relations which describe the
response of the material in question.
3) Fully Plastic (intensely deformed nonlinear zone): A component exhibiting a
fully plastic behavior has a crack tip region either in a state of hydrostatic stress or
in a plastic slip line state, depending on the geometry of the component. In either
case, the region ahead of the crack is characterized by non-linear strains and
rotational deformations.
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For linear elastic crack tip zone, the relevant method of analysis is LEFM which provides
a unique stress-strain field solution with a crack tip singularity whose strength is the
stress intensity factor, KI. Correspondingly, the nonlinear elastic crack tip zones may be
analyzed on the basis of any or all of three techniques (CTOD, R-Curve, J-integral).
Critical values of CTOD or J-integral give nearly size-independent measures of fracture
toughness, even for relatively large amounts of crack tip plasticity. On the other hand,
however, the state of the fully plastic crack tip zone is dependent on the component
geometry. It is characterized by large strains and rotations which result in the initiation
and growth of internal voids ahead of the crack tip. Hence, non-unique, multi-valued
results are obtained for this region and no method of describing its fracture has been
successfully developed.
The plastic correction noted in Eq. [3.11] is suitable for LEFM up to only limited
plasticity. Keff becomes increasingly inaccurate as ry/a becomes large.
3.3

Crack Tip Opening Displacement (CTOD)

The crack tip opening displacement (CTOD), formerly the crack opening displacement
(COD), is based on the notion of using the opening of the notch faces to characterize the
fracture toughness of a material.
The displacement uy behind the effective crack tip is given by the following:

uy =

ry
k +1
KI
2G
2 ⋅π

[3.14]

where,
uy
G
k
ry
KI

= displacement in y-direction (in)
= shear modulus (ksi)
= (3-4ν) for plane strain and (3- ν)/(1+ ν) for plane stress
= plastic zone radius (in)
= Mode I stress intensity factor (ksi-in1/2)

Substituting the Irwin plastic zone correction Eq. [3.11] into Eq. [3.14] provides the
following relationship:

δ = 2u y =

4 K I2
4 G
=
π σ ys E π σ ys

[3.15]

where,
δ

= crack tip opening displacement (in) as shown in Fig. 3-3 [33]
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Figure 3-3: CTOD, Vp, and plastic zone

Using the Dugdale’s Strip Model [33], the crack tip opening displacement equates to the
following:

δ=

G

[3.16]

σ ys

The strip yield model assumes plane stress condition and a non-hardening material. The
actual relationship between CTOD and KI and G depends on stress state and strain
hardening. The more general form of the crack tip opening displacement follows:

δ=

KI

mσ ys E

=

G
mσ ys

[3.17]

where,
m

= a dimensionless material constant that is approximately 1.0 for
plane stress and 2.0 for plane strain

Referring to Fig. 3-4 [33], estimation can be made of the CTOD from a similar triangle
construction.

δ

r (W − a )
and

δ=

=

V
r (W − a ) + a

[3.18]

r (W − a )V
r (W − a ) + a

[3.19]

where,
r
V

= a rotational factor-dimensionless constant between 0 and 1
= total crack tip opening (in)
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S

Figure 3-4: CTOD determination

This model is inaccurate when displacements are primarily elastic. Separation of elastic
and plastic CTOD components provides the following:

δ = δ el + δ p =

K I2

mσ ys E '

+

rp (W − a )V p

rp (W − a ) + a

[3.20]

where,
rp
Vp
E’

= 0.44 for typical materials and test specimen
= measured by drawing a line parallel to the linear elastic portion
of the curve as shown in Fig. 3-5 [33]
= E for plane stress and E/(1-ν2) for plane strain

Figure 3-5: Plastic component of the crack mouth opening displacement
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Figure 3-6: J-integral path

3.4

J-Integral

Rice [34] showed that the line integral (Fig. 3-6 [34]) related to the energy in the vicinity
of a crack can be used to solve two-dimensional crack problems in the presence of plastic
deformation. Fracture occurs when the J-integral reaches a critical value.
∂u 

J = ∫ Wdy − T
ds 
Γ
∂x 


[3.21]

where,
W
Γ
T
ds
x,y
T (∂u/∂x)ds

= ∫σijdεij is the strain energy per unit volume due to loading
= the path of the integral which encloses the crack
= the outward traction (stress) vector acting on the contour around
the crack
= an increment of the contour path
= the rectangular coordinates
= rate of work input from the stress field into the area
enclosed by Γ

Figure 3-7: J-integral physical interpretation
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The J-integral is path-independent. Additionally, the J-integral can be interpreted as the
potential energy difference between two identically loaded specimen having slightly
different crack lengths (Fig. 3-7 [34]).
The value of J (obtained under elastic-plastic conditions) is numerically equal to the
strain-energy release rate (obtained under elastic conditions).
J=

∂U o
K2
=G=
∂a
E'

[3.22]

Using the three-point bend specimen or the compact tension specimen, values of J are
determined at different amounts of crack extension ∆a. For three-point bend specimen,
the J-integral is evaluated by the following:
J=

2A
Bb

[3.23]

where,
A
B
b

= area under the load versus displacement curve
= specimen thickness
= unbroken ligament (W-a in Fig. 3-4)

For the condition of pure bending and three-point bending, J is given by the following:
A (2 + 0.522(b / W ))
K I2
Ji =
(1 − ν 2 ) + i
E
Bb

[3.24]

The data are plotted as a crack-resistance curve, J vs ∆a. Each specimen contains a
starter fatigue crack. The crack growth due to loading to a given displacement level (∆a)
is “marked” by heat tinting a steel specimen at 550ºF (285ºC) or introducing a few cycles
of fatigue crack growth in materials which do not discolor by heat-tinting. Then the
specimen is broken and ∆a is measured from the fracture surface. The beginning of
stable crack extension is marked by the end of the flat fatigue pre-cracked area. The end
of crack extension is marked by the end of the heat-tint region or the beginning of the
second flat fatigue area. The value of JIC is established by extrapolating the linear portion
of the J-∆a plot to its intersection with the blunting line. This is given by J=2σflow ∆a and
the line is defined based on the assumption that the crack advance is equal to one-half the
crack-tip opening displacement. For J to be utilized as a geometry-independent
parameter to describe crack extension, the region ahead of the crack tip that is enclosed
by the J-integral must be large compared to the microstructural deformation and fracture
events which are involved.
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For J analysis to be relevant for edge-cracked bend specimen,
b≥

3.5

25 J IC

[3.25]

σ ys

Relationship Between J and CTOD

Shih’s analysis [35] shows that there is a unique relationship between J and CTOD for a
given material and that it applies well beyond the validity limits of LEFM. Through
finite element analysis, Shih’s evaluation methods have been shown to be reasonably
accurate in the face of large plastic strains at the crack tip. The relationship produced
follows:

δ=

dn J

[3.26]

σ ys

dn is a dimensionless constant which is best obtained graphically (Figs. 3-8 and 3-9; the
source has labeled the abscissa incorrectly as 1/n. The correct abscissa is n). dn is
dependent upon crack tip x and y displacement, α (a dimensionless constant), yield stress,
modulus of elasticity, strain hardening exponent (n), and In (an integration constant that
depends on n).

Figure 3-9: Determining dn
(plane strain)

Figure 3-8: Determining dn
(plane stress)

These figures show plots for dn with α = 1.0, which exhibits a strong dependence on the
strain hardening exponent and a mild dependence on ασys/E. Figs. 3-8 [33] and 3-9 [33]
must be regarded as approximate in the elastic-plastic and fully plastic regimes, because
J-CTOD relationship is geometry dependent in large scale yielding.
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3.6

R-Curves

Many materials with high toughness do not fail catastrophically at a particular value of J
or CTOD. Rather, these materials display a rising R-Curve, where J and CTOD increase
with crack growth. In metals, a rising R-Curve is normally associated with growth and
coalescence of microvoids. One measure of fracture toughness, JIC is defined near the
initiation of stable crack growth. The precise point at which crack growth begins is
usually ill-defined. Consequently, the definition of JIC is somewhat arbitrary, much like a
0.2% offset yield strength. The corresponding CTOD near the initiation of stable crack
growth is denoted δi by U.S. and British testing standards.
The entire R-Curve gives a more complete description over initiation toughness. The
slope of the R-Curve at a given amount of crack extension is indicative of the relative
stability of the crack growth; a material with a steep R-Curve is less likely to experience
unstable crack propagation.
Due to the conservative nature of this research, evaluation of material toughness based on
initiation toughness was deemed appropriate and R-Curve analysis was not pursued
beyond this review.
3.7

Limitations of J and CTOD

Just as there are limits to LEFM, fracture mechanics analysis based on J and CTOD
become suspect when there is excessive plasticity or significant crack growth.
Considering a characteristic length scale L corresponding to the size of the structure,
under large scale yielding, the size of the finite strain zone becomes significant relative to
L. There is no longer a region uniquely characterized by J. Single-parameter fracture
mechanics is invalid in large scale yielding, and critical J values exhibit a size and
geometry dependence.
Prior crack growth should not have any adverse effects in a purely elastic material,
because the local crack tip fields depend only on current conditions. However, prior
history does influence the stresses and strains in an elastic-plastic material. Therefore,
one would expect J integral theory to break down when there is a combination of
significant plasticity and crack growth.
3.8

Dynamic Fracture

At high loading rates, LEFM and elastic-plastic fracture mechanics, which assumes
quasi-static, rate-independent deformation, are inadequate. Three additional factors for
dynamic fracture mechanics over LEFM and elastic-plastic fracture mechanics include:
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•

inertia forces

•

rate dependent material behavior

•

reflected waves

Inertia effects are important when the load changes abruptly or the crack grows rapidly; a
portion of the work that is applied to the specimen is converted to kinetic energy.
Most metals are not sensitive to moderate variations in strain rate near ambient
temperature, but the flow stress can increase appreciably when strain rate increases by
several orders of magnitude. When the load changes abruptly or the crack grows rapidly,
stress waves propagate through the material and reflect off of free surfaces, such as the
specimen boundaries and the crack plane. Reflecting stress waves influence the local
crack tip stress and strain fields which, in turn, affect the fracture behavior.
There are two major classes of dynamic fracture problems:
•

fracture initiation as a result of rapid loading

•

rapid propagation of a crack

This research deals with the arrest of a rapid propagation of a crack. Of particular
interest is the case of a crack initiating in a region of low material toughness becoming
arrested in a region of higher toughness.
High strain rates tend to decrease cleavage resistance, which is stress controlled. Also,
the resistance encountered by a rapidly propagating cleavage crack is less than for
cleavage initiation, because plastic deformation at the moving crack tip is suppressed by
the high local strain rates. Materials whose fracture mechanisms are strain controlled
often see an increase in toughness at high loading rates because more energy is required
to reach a given strain value. Figs. 3-10 [36] and 3-11 [7] show how typical increases in
the loading rate shift the transition to higher temperatures. Thus, at a constant
temperature, fracture toughness is highly sensitive to strain rate. Fig. 3-12 [33] shows the
effect of loading rate on fracture behavior of a structural steel on the upper shelf
toughness. In this instance, strain rate is primarily strain controlled; the J-integral at a
given amount of crack extension is elevated by high strain rates. API 579 follows this
logic and conservatively states that the upper shelf toughness of ferritic steels does not
need to be adjusted for rate effects.
When the driving force for crack extension exceeds the material resistance, the structure
is unstable, and rapid crack propagation occurs. Excess energy above the true material
resistance (KIA) from dynamic loading is converted into kinetic energy. The magnitude
of the kinetic energy dictates the crack speed. The apparent arrest toughness (KIa)
accounts for the absorption of this additional kinetic energy. KIA is a material property,
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but KIa depends on geometry. KIa becomes KIA when material is considered infinite, or a
finite material has a short crack jump length.

Figure 3-10: Strain-rate transition temperature shift

Figure 11: KIC-KID temperature shift
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Figure 3-12: Upper shelf toughness at various loading rates

Figure 3-13: Crack speed dependence on dynamic material resistance
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The Griffith-Irwin energy balance can be written to include kinetic energy, resulting in a
dynamic definition of energy release rate:
G (t ) =

dF dU dE k
−
−
dA dA dA

G
F
A
Ek
U

= energy release rate
= work done by external forces
= crack area
= kinetic energy
= deformation energy

[3.27]

where,

Dynamic stress intensity is equal to KID, the dynamic material resistance, which depends
on crack speed. Dynamic propagation toughness can be measured experimentally as a
function of crack speed by means of high speed photography and optical methods, such
as photoelasticity. Fig. 3-13 [33] shows the typical variation of KID with crack speed. At
low speeds, KID is relatively insensitive to crack velocity, but KID increases
asymptotically as velocity approaches a limiting value.
In general KIA < KIC, the quasi-static initiation toughness. When a stationary crack in an
elastic-plastic material is loaded monotonically, the crack tip blunts and a plastic zone
forms. A propagating crack, however, tends to be sharper and has a smaller plastic zone
than a stationary crack. Consequently, more energy is required to initiate fracture from a
stationary crack than is required to maintain propagation of a sharp crack.
3.9

J and CTOD Relationships to KIC

Valid KIC data can only be obtained for brittle materials or thick sections; however, it is
possible to infer “equivalent” KIC values from J and CTOD data by exploiting the
relationships between these parameters under plane strain linear elastic conditions.
For small scale yielding an equivalent KIC, denoted as KJC, can be derived from a critical
J value as follows:
K JC =

J crit E
1 −ν 2

[3.28]

where,
KJC
Jcrit
E
ν

= fracture toughness derived from Jcrit (ksi√in)
= critical J value (ksi-in)
= Young’s Modulus (ksi)
= Poisson’s ratio
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An approximate relationship between the J integral and CTOD is the following:

J crit = mσ f δ crit

[3.29]

where,
Jcrit
m
δcrit
σf

= critical J value (ksi-in)
= conversion constant, 1.4 can be used in the absence of more reliable data
= critical CTOD value (in)
= flow stress (ksi)

By combining the above equations, it is possible to derive equivalent KIC values (KδC)
from CTOD data where all variables have been previously defined.

K δC =

3.10

mσ f δ crit E

[3.30]

1 −ν 2

Morphology

Microvoid coalescence (MVC) takes place by the nucleation of micro-voids, followed by
their growth and eventual coalescence (Fig. 3-14). The initiation stage has largely been
attributed to either particle cracking or interfacial failure between an inclusion or
precipitate particle and the surrounding matrix. At least two growth mechanisms have
been identified: 1) plastic flow of the matrix that surrounds the nucleation sites, and 2)
plastic flow enhanced by decohesion of small particles in the matrix. The final step of
MVC that leads to ultimate failure involves the coalescence of countless micro-voids into
large cracks.

Figure 3-14: Micro-void coalescence morphology
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Figure 3-15: Cleavage morphology

The process of cleavage involves transcrystalline fracture along specific crystallographic
planes and is usually associated with low-energy fracture. Cleavage facets (Fig. 3-15) are
typically flat, although they may reflect a parallel plateau and ledge morphology. Often
cleavage steps appear as “river patterns” wherein fine steps are seen to merge
progressively into larger ones. It is generally believed that the “flow” or the “river
pattern” is in the direction of microscopic crack propagation. In most mild steel alloys,
the observation of cleavage indicates that the component was subjected to some
combination of low-temperature, high strain-rate, and/or a high tensile triaxial stress
condition.
3.11

Ductile-Brittle Transition

In the transition region between ductile and brittle behavior, both micro-mechanisms of
fracture can occur in the same specimen. In the lower transition region, the fracture
mechanism is pure cleavage, but the toughness increases rapidly with temperature as
cleavage becomes more difficult. In the upper transition region, a crack initiates by
micro-void coalescence, but the ultimate failure occurs by cleavage.
The nil ductility transition temperature (NDTT) is the temperature at which fracture
becomes 100 percent cleavage. The fracture-appearance transition temperature (FATT)
is the transition temperature where 50 percent cleavage and 50 percent shear is noticed.
An indexing temperature, RTNDT, is assigned through a combination of the drop weight
NDTT and Charpy properties; RTNDT is defined as the higher of the following cases:

41

•

The drop weight NDTT

•

60ºF (15ºC) below the minimum temperature at which the lowest of three
Charpy results is at least 50 ft-lbf (68 J)

The RTNDT in a typical pressure vessel steel occurs near the lower “knee” (Fig. 3-16) of
the fracture toughness transition curve.

lower knee

Figure 3-16: Ductile-brittle transition temperature

API 579 [7] uses the toughness curves originating from ASME Boiler and Pressure
Vessel Code Section XI (Nuclear Code). The Section XI curves use a reference
temperature of RTNDT; however, API 579 has modified the equations for these curves by
using a reference temperature denoted Tref. This reference temperature corresponds to the
temperature at which the material has an impact energy for carbon steel of 15 ft-lbf (68
J). In both the ASME pressure vessel and piping codes, the most basic carbon steel in
plane stress has a Tref equal to -20ºF (-30ºC), which is quite conservative. Actual values
of Tref for plain carbon steels are closer to between -55ºF (-50ºC) and -80ºF (-60ºC). Fig.
3-17 [36] shows impact energies for various carbon content steels. For reference
purposes, Curve A in Fig. 3-18 [36] represents the NDTT Curve for thick carbonmanganese steel. At 15 ft-lbf (68 J), the NDTT temperature is approximately -55ºF (50ºC).
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Figure 3-17: Effects of carbon content on transition temperature

Figure 3-18: NDTT for three steels

3.12

Charpy Relationships to KIC

Although Charpy V-Notch (CVN) impact test data do not represent true fracture
toughness data, these data can be used as a starting point for determining the toughness to
use in an assessment. The following equation, as outlined in API 579 [7], known as the
Rolfe-Novak Correlation, can be used to establish lower-bound fracture toughness. This
correlation represents a lower envelope to a number of published KIC-CVN correlations,
and is recommended for use when a high degree of conservatism is desired.
K IC = 9.35(CVN )

0.63

(ksi√in, ft-lb)

where,
= plane–strain fracture toughness (ksi√in)
KIC
CVN = Charpy V-notch impact value (ft-lb)
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[3.31]

The following equation, also outlined in API 579, known as the Sailors-Corten
Correlation can be used to establish lower-bound dynamic fracture toughness for the
transition temperature range:
K Id2 = 15.873(CVN )

0.375

(ksi√in, ft-lb)

[3.32]

where,
= dynamic plane-strain fracture toughness (ksi√in)
KId
CVN = Charpy V-notch impact value (ft-lb)
If the CVN data corresponds to upper shelf behavior (i.e. 100% shear fracture), the
following equations can be used to calculate a lower bound to upper shelf fracture
toughness:
 K IC

σ
 y

2




 = 4 CVN − 0.1
 σ


 y



(ksi√in, ksi, ft-lb)

[3.33]

where,
= plane-strain fracture toughness (ksi√in)
KIC
= yield stress (ksi)
σy
CVN = Charpy V-notch impact value (ft-lb)
There are two cautions in using Charpy V-Notch data to establish an estimate of the
fracture toughness:

3.13

•

The Charpy data used to estimate the reference temperature or KIC should be
representative of the component being evaluated, meaning they should be heat
and heat treatment specific. These data should also come from a material with
a representative microstructure. For example, Charpy data from the base
metal may not be applicable when the flaw being evaluated is in the weld
metal or in the HAZ.

•

An appropriate temperature must be used to perform the assessment. In cases
where the stress varies with temperature (e.g. a pressure vessel that is not fully
pressurized until it reaches an elevated temperature), it may be necessary to
perform the assessment at several temperatures to identify the worst-case
loading.

Comparative Data

When fracture toughness data are not available, an indexing procedure based on a
reference temperature can provide a conservative lower-bound estimate of fracture
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toughness for a ferritic material. The ASME Section XI basis reference curves have been
adopted to estimate a lower bound fracture toughness (RTNDT has been replaced by Tref
following API 579 designation). These two curves are plotted in Fig. 3-19, as presented
by API 579 [7]. The KIC curve is a lower envelope to all the fracture toughness tests
loaded at quasi-static rates. The KIR curve, which is also known as the KIA curve, is a
lower envelope to all data which include quasi-static initiation, dynamic initiation, and
crack arrest toughness results. The equations for the two curves are listed below:
KIC = 33.2 + 2.806 exp[0.02(T - Tref + 100)]

(ksi√in, ºF)

[3.34]

KIR = 26.8 + 1.223 exp[0.0144(T-Tref + 160)]

(ksi√in, ºF)

[3.35]

where,
KIC
KIR
T
Tref

= fracture toughness (ksi√in)
= arrest fracture toughness (ksi√in)
= temperature of the analysis (ºF)
= reference temperature (ºF)

Although the ASME Section XI reference curves were originally developed for nuclear
grade pressure vessel steels, they have also been validated for carbon steel plates and
weldments, as well as several heats of 2.25Cr-1Mo steel.
The equations for KIC and KIR, and the curves in Fig. 3-19, should be truncated as follows
unless data are available that indicate higher maximum upper shelf toughness.

•

100 ksi√in (110 MPa√m) should be used for materials with an unknown
chemistry.

•

200 ksi√in (220 MPa√m) can be used for low sulfur carbon steels (0.01
percent or less) or for J-controlled 2.25Cr-1Mo steels.

The lower bound curves in Eqs. [3.34] and [3.35] can also be used to estimate the fracture
toughness at one temperature based on the value obtained at another temperature. This
can be accomplished by calculating the reference temperature from known fracture
toughness data using these equations. The fracture toughness at the new temperature can
then be computed using this reference temperature and these equations. Alternatively,
this procedure can be performed graphically by locating the known toughness on the
curve in Fig. 3-19 [7] and moving up or down along the curve by the appropriate
difference in temperature (T-Tref) to read the new toughness value. Note that a toughness
estimate obtained in this manner may not be a lower bound value. If the applied K is
above the threshold stress intensity for crack growth, the flaw will grow until the applied
K exceeds a value from the KIR curve, at which time unstable fracture will occur.
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Figure 3-19: Conservative estimation of carbon steel fracture toughness

3.14

Hydrogen Influences

Hydrogen embrittlement is a “low” temperature and/or high material strength
phenomenon where atomic hydrogen diffuses in a material to high triaxial stress states
and contributes to crack growth. A critical local stress state and hydrogen content will
lead to crack jumps into an area of low hydrogen concentration, where the hydrogen
diffusion process leads to further continued crack jumps. High strength steels are more
vulnerable due to their small plastic zone and corresponding less relaxation of stress
(higher localized stresses).
The chief characteristics of hydrogen embrittlement are its strain-rate sensitivity, its
temperature dependence, and its susceptibility to delayed fracture. Unlike most
embrittling phenomena, hydrogen embrittlement is enhanced by slow strain rates. As
seen in Fig. 3-20 [37] and Fig. 3-21 [38], as the strain rate increases, the hydrogen effect
on the material fracture property becomes non-consequential. On the reverse side, as the
strain-rate decreases, hydrogen effect on the fracture properties becomes more
significant.
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Figure 3-20: Hydrogen-strain-rate
Effects (Ex. 1)

Figure 3-21: Hydrogen-strain-rate
effects (Ex. 2)

Thus, once unstable crack propagation begins, diffusing hydrogen can not keep pace with
the growing crack and the resistance to rapid crack propagation is unaffected by
hydrogen. The KIR curve (Fig. 3-19) is a lower envelope to dynamic initiation and crack
arrest toughness data. This curve represents a conservative estimate of the resistance of
the material to rapid crack propagation, and can be used to estimate the toughness of steel
containing dissolved hydrogen for dynamic considerations.
3.15

Basic Design Theory (Plastic Collapse)

Structures made from materials with sufficient toughness may not be susceptible to brittle
fracture, but can fail by plastic collapse if they are overloaded. For a structure loaded in
tension, collapse occurs when the stress on the net cross section reaches the flow stress of
the material.
Thin-walled vessels are considered having the tube radius/thickness ratio, R/t≥10. In the
absence of longitudinal constraints (i.e., thermal expansion/contraction constraint), thinwalled vessels and piping are governed by the tangential or “hoop” stress, which is given
by the following equation for internal pressure:

σt =

F PDL PD PR
=
=
=
A 2 Lt
t
2t

[3.36]

where,
σt
F

= hoop stress (psi)
= force (lbf)
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A
P
D
L
R
t

= area force acts on (in2)
= pressure (psi)
= diameter (in)
= length (in)
= radius (in)
= thickness (in)

For conditions where additional longitudinal constraints are a governing factor, for
internal pressure, the total stress in the longitudinal direction equals the constraint
induced stress (or other longitudinal stress components) plus σl.

σl =

PD PR
=
4t
2t

[3.37]

Many design conditions, such as thick-walled vessels or externally pressurized vessels,
are encountered that do not follow Eqs [3.36] and [3.37]. Pressure vessel or mechanical
engineering design handbooks should be consulted and the appropriate equations used.
3.16

Development of Fracture Toughness Evaluations for HTHA

Limited efforts have been made to address high temperature hydrogen attack (HTHA)
deterioration of fracture properties through fracture mechanics largely due to the
complexities involved with this mechanism. API 579 [7] simply addresses HTHA
damage by stating that “long exposure to hydrogen may produce irreversible damage
(e.g. micro-cracks) in the material” and “the apparent toughness could fall below the KIR
curve in such cases.”
P.F. Timmins [8] reported on the progress of the Japan Steel Works efforts in addressing
HTHA material degradation. In this evaluation method, a critical crack size is derived
from fracture mechanics by considering steel degradation, detected crack size, and
location. Flaws are evaluated based on material properties both at startup and steadystate operation. They use a basic LEFM equation:
π ⋅a 

K = σ 
 Q 

1
2

(for internal cracks)

[3.38]

where,
σ
a
Q

= applied stress (ksi)
= crack size (in)
= flaw shape parameter, which depends on crack depth a and
length 2c
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Figure 3-22: JPS 2.25Cr-1Mo Master Curve

Fig. 3-22 [8] shows the master curve for 2.25Cr-1Mo steels, where the ordinate is the
fracture toughness normalized by upper shelf fracture toughness, KIC-US, which is
calculated from the Barsom-Rolfe correlation and the abscissa is the excess temperature
expressed by operating temperature minus FATT. The Barsom-Rolfe correlation is the
following:

 K IC −US

 σ 0.2

2

 CVN US

 = 0.6478 * 

 σ 0.2



 − 0.00998



[3.39]

where,
KIC-US
CVNUS
σ0.2

= fracture toughness (MPam1/2)
= impact energy (J)
= 0.2% offset yield strength

Unfortunately, this work provides a curve based on typical pressure vessel steel and not
on actual materials subjected to HTHA. Additionally, it is uncertain the appropriateness
of the use of CVN data for evaluating fracture toughness of a virtually untested
degradation mechanism. Fig. 2-4 in Ch. 2 displayed some CVN data obtained for C-1/2
Mo steels; however, the fracture toughness is tied to the time subject to hydrogen
pressure at a specific temperature and not to actual depth of attack.
Particular points of this research are to 1) provide some representative data of actual
HTHA material, and 2) provide a non-Charpy based, simple and conservative
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mathematical basis for evaluating HTHA material. These equations are meant to be used
at the plant level as an API 579 Level II analysis.
There are three evaluations that must be made in order to fully investigate fitness-forservice of a piece of equipment.
•

Considering the HTHA wall thickness depth as “lost” or corroded wall, is the
remaining wall thickness adequate per ASME or other pressure/piping code?
Consideration must be given to the strength level of the component at
operating temperature.

•

Considering the HTHA depth as a radial crack and using the averaged crosswall fracture toughness, does the critical crack length exceed a safe distance
beyond the zone depth of HTHA? The average fracture toughness is obtained
from testing across the pipe/plate wall thickness.

•

Using dynamic loading fracture data, does the critical crack length exceed a
safe distance beyond the affected zone? In this investigation, a crack is
presumed to originate and grow rapidly through the HTHA zone and get
arrested in the “good” tough material.

The following comments supplement this design basis for HTHA:
•

“Averaged Cross-Wall” fracture toughness refers to the combined effects of
the various regions across the wall thickness (decarburization zone, fissuring
zone, “good” metal zone, etc.) (Fig. 3-24).

•

“Lost wall basic” (Figs. 3-23 and 3-24) only includes the zone containing
obvious fissuring, blistering, and decarburization (the HTHA zone); it does
not include the “affected” fracture toughness zone. “Affected” fracture
toughness does not imply loss of plastic strength; however, it may be possible
that the “affected” fracture toughness zone is also a zone of reduced tensile
properties. A conservative estimate can be applied to “lost wall” which would
include both the HTHA zone and the “affected” fracture toughness zone; this
zone is termed “lost wall conservative”. The two possible selections of “lost
wall” are shown in Fig. 3-23.

•

It is highly recommended that “a safe distance beyond the zone of HTHA”
means the critical crack length exceeds the material thickness (including
HTHA zone). This case allows for the condition of leak-before-rupture.

•

The crack length starts at the surface of the HTHA.

•

The applied stress for fracture mechanics and plastic collapse applications
considers the visually non-attacked thickness of the material (wall thickness
less “lost wall basic”).
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•

This evaluation is contingent upon eliminating the HTHA problem or properly
estimating HTHA growth and having conservative fracture data at the
predicted depth of attack.

•

Fracture toughness data must represent a particular grade of steel and
microstructure. For HTHA on heat affected zones, fracture data must be
obtained representative of the degree of HTHA attack and microstructure.

•

Evaluations using fracture data must consider all ranges of temperatures and
pressures through the planned life of the equipment.

•

Evaluations using this technique are not adequate for fatigue services.

•

All three conditions for this design technique must produce satisfactory results
in order for a vessel to be fit-for-service.

The procedure for this design technique evaluating HTHA follows:
LOST WALL (Fig. 3-23):
•

Using Eqs. [3.36] and [3.37], a simple remaining wall pressure rating can be
calculated. The thickness, t, should equal the actual tube thickness less both
“lost wall basic” and any predicted growth of HTHA depth over the planned
life of the equipment.

•

The calculated pressure rating is compared to the design pressure rating.

Figure 3-23: Definition of “lost wall”
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“AVERAGED CROSS-WALL” FRACTURE TOUGHNESS (Fig. 3-24):
•

After obtaining CTOD and strain hardening values of the test specimen,
convert CTOD to J using Eq. [3.26] and Figs. 3-8 and 3-9 (or obtain J-integral
from testing or calculate K directly from CTOD using Eq. [3.30]).

•

Assuming limited plasticity due to the degradation, obtain K values using Eq.
3.22.

•

With a design pressure, calculate the applied stress (based on full thickness
less “lost wall basic”) with an appropriate pressure vessel design equation.

•

Using the applied stress and Eq. 3.8, calculate the critical crack length. The
critical crack length must exceed “lost wall conservative” plus any expected
HTHA growth by an allowable margin of safety.

Figure 3-24: Definition of Kavg

“GOOD” DYNAMIC FRACTURE TOUGHNESS (Fig. 3-25):
•

Using dynamic fracture toughness data of the unaffected, or “good wall”,
calculate the critical crack length. Conservative KID values can be found
using Figs. 3-11 and 3-19. The applied stress is considered the across the full
thickness of the material less “lost wall basic”.
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•

Consider the design crack length as the combination of the following:
o depth of HTHA (decarburization, blistering, and fissuring)
o thickness of the non-apparent additional degraded fracture toughness
zone (Fig. 3-25)
o expected growth thickness over the planned life of this equipment

•

Compare the critical crack length to an allowable crack length, which at a
minimum must exceed the design crack length (described above) by an
allowable margin of safety. The design crack length is “lost wall
conservative” plus any expected HTHA growth.

•

Micro-hardness values across the face of the specimen can be used to provide
where the “good” material exists.

All efforts of this design method have been made as conservative as possible in order to
counter the uncertainties associated with HTHA. Investigation beyond this Level II
analysis would require Level III tools such as finite element analysis, crack growth
velocity data, and rate of extension of the HTHA affected/lost wall zone, at temperature
and pressure of service.

Figure 3-25: Definition of “good wall”
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CHAPTER 4: EXPERIMENTAL PROCEDURES, RESULTS, AND
EVALUATIONS
4.1

Experimental Concerns

The fracture toughness of a material tends to decrease with increasing crack tip
triaxiality. Standard laboratory specimens used to determine a material’s fracture
toughness are usually highly constrained. Therefore, laboratory fracture toughness tests
usually underestimate the fracture toughness of structural components of equivalent
thickness that contain crack-like flaws; therefore, flaw assessments based on standard
fracture toughness data tend to be conservative. Also, based on cleavage fracture
toughness studies, the average toughness for the single edge notched bend (SENB)
specimen is considerably lower than that of the center cracked tension panels or the
surface cracked panels.
Test specimens are confined to specific dimensions and tolerances. One dimension in
particular for SENB is the span-to-width ratio, S/W. A typical S/W for an SENB
specimen is 4. Specimen with S/W greater than 4 will have greater flexibility and stress
distribution. Conversely, specimen with S/W less than 4 will have greater rigidity and, as
a result, they will have higher localized stresses. Crack depth and additional specimen
size parameters can also have an effect on fracture toughness. SENB specimens with
shallow cracks tend to have higher toughness than deep cracked specimen. Smaller
specimens with equivalent crack length to width ratio, a/W, tend to have higher average
toughness values. All pertinent variables are specifically confined to target dimensions
and tolerances in order to preserve repetitive test conditions.
Analysis by McClintok [33] revealed that the configurational effects on the near-tip fields
are much less severe when the material exhibits strain hardening. Moreover, a singleparameter fracture mechanics may be approximately valid in the presence of significant
plasticity, provided the specimen maintains a relatively high level of triaxiality; the edge
cracked plate in bending apparently satisfies this requirement.
The chosen testing method, whether using constant load rate (CLR) or constant
displacement rate (CDR), and specimen geometry can produce varying results of fracture
toughness. Hagiwara and Oguchi [38] have shown in a hydrogen embrittlement
experiment a particular magnitude of variance in fracture toughness, using the CTOD
technique, for CDR and CLR (Fig. 4-1 [38]). ASTM E1290-99 [39] states that “the
values of CTOD may be affected by specimen dimensions. It has been shown that values
of CTOD determined by SENB specimens using the square section geometry may not be
the same as those using the rectangular section geometry, and may differ from those
obtained with either the compact or arc-shaped specimens.”
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Figure 4-1: Fracture toughness variance between CDR and CLR
4.2

ASTM E1290-99

ASTM E1290-99 “Standard Test Method for Crack-Tip Opening Displacement (CTOD)
Fracture Toughness Measurement” covers the determination of CTOD values at one or
more of several crack extension events. This test method applies specifically to notched
specimens sharpened by fatigue cracking. The specimens are tested under crosshead or
clip gage displacement controlled loading (CDR). This test method characterizes the
fracture toughness of materials through the determination of crack-tip opening
displacement (CTOD) at one of three events: (a) onset of unstable crack extension
without significant prior stable crack extension, (b) onset of unstable crack extension
with significant prior stable crack extension, or (c) achievement of plastic limit load with
or without significant stable crack extension.
The recommended specimen thickness, B, for the specimen is that of the material
thickness intended for application. The depth, W, is the wall thickness of the tube or pipe
for which the specimen is obtained. For three-point bend specimens (SENB), width, W,
is equal to twice the specimen thickness, B. For SENB specimen (Fig. 4-3), the initial
normalized crack size is 0.45≤ao/W≤0.70. The span-to-width (S/W) is specified as 4.
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Figure 4-2: Force vs. clip gage displacement
In this test method, CTOD is the displacement of the crack surfaces normal to the original
(unloaded) crack plane at the tip of the fatigue pre-crack, ao. The following definitions
apply to δc, δu, and δm, and are shown graphically in Fig. 4-2 [39]:
•

δc is the value of CTOD at the onset of unstable brittle crack extension or popin when ∆a<0.008 in.

•

δu is the value of CTOD at the onset of unstable brittle crack extension or popin when the event is preceded by ∆a>0.008 in.

•

δm is the value of the first attainment of a maximum force plateau for fully
plastic behavior.

The force (Pc, Pu, Pm) and the clip gage displacement (vc, vu, vm) for δ are indicated in
Fig. 4-2. Also shown in Fig. 4-2 is a pop-in, which is a discontinuity in the force versus
clip gage displacement record. The record of a pop-in shows a sudden increase in
displacement and, generally, a decrease in force. Subsequently, the displacement and
force increase to above their respective values at pop-in.
For situations in curved geometry source material or welded joints, the square section
bend is likely the preferred geometry. Square section bend specimens may be necessary
in order to sample an acceptable volume of a discrete microstructure (Fig. 4-3).
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Figure 4-3: CTOD specimen and its dimensions

Figure 4-4: CTOD test apparatus
Using the apparatus and equipment shown in Figs. 4-4 and 4-5, force versus displacement
is autographically recorded on an x-y plotter for visual display, or converted to digital
form for accumulation in a computer information storage facility and subsequent
processing. Displacement measuring gages are used to measure opening displacements
on SENB specimens at knife edges a distance z beyond the crack mouth (Fig. 4-5 [33]).
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Z =.067”

Figure 4-5: Strain gage setup
All specimens shall be pre-cracked in fatigue at force values no greater than the force Pf
calculated in accordance with the following equation for SENB:
Pf = 0.5( Bbo2σ y / S )

[4.1]

where,
B
bo
S

= specimen thickness (in)
= original uncracked ligament: the distance from the original
crack front to the back surface of the specimen at the start of
testing (bo=W-ao) (in)
= span: the distance between specimen supports in a bend
specimen (in)

The fatigue crack marks the slow stable crack extension. After CTOD testing, the
specimen is broken, typically after cooling, to measure the original crack length ao, and
the physical crack length after slow stable crack extension, ap. Along the front of the
fatigue crack, and along the front of any slow stable crack extension, including the stretch
zone, the crack length is measured at nine equally spaced points across the specimen
thickness, centered about the specimen centerline and extending to 0.005W from the
specimen surfaces. The original (fatigue) crack length, ao, and the final physical crack
length, ap (which includes the tear length and stretch zone), are as follows:
•

average the two near-surface measurements

•

add this result to the remaining seven crack length measurements

•

average this total length by dividing by eight
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The testing rate of the stress intensity factor force is to increase within the range of
30,000-150,000 psi-in1/2/min (33-165 MPa-m1/2/min). The test temperature is to be made
in situ in suitable low or high temperature media, as appropriate.
For SENB specimens having 0.45≤ao/W≤0.70, δc, δu, and δm are calculated accordingly:

δ=

(

)

rp (W − a o )υ p
K 2 1−υ 2
+
2σ ys E
rp (W − a o ) + a o + z

[4.2]

where,
K
Y
σys
υ
rp
z

= YP/[BW1/2]
= stress intensity coefficient (obtained from Table 1 in ASTM
E1290-99)
= yield strength at temperature of interest (ksi)
= plastic component of clip gage opening displacement (in)
= plastic rotation factor = 0.44
= distance of knife edge measurement point from front face
(notched surface) on SENB specimen (in) (See Fig. 4-5)

As shown in Eq. [3.20] in Ch. 3, the first term of Eq. [4.2] is the elastic component of the
crack tip displacement and the second term is the plastic component. In most cases for
carbon steel analysis, the elastic component is negligible compared to the plastic
component. Y, obtained from Table 1 in ASTM E1290-99 [39], is based on an S/W ratio
of 4. In cases where the S/W ratio is not equal to 4, Table 1 is still used in order to
maintain toughness values in approximate equivalence to standard values. Again, the
elastic component under significant plasticity is essentially nil. Therefore, for such cases,
Table 1 is deemed appropriate in the absence of S/W equaling 4.
4.3

Test Material Background

API 579 [7] indicates one method of obtaining fracture toughness data is to remove a
sample from a retired component in a similar service. Testing material from a retired
component (preferably one that was fabricated from the same material heat) is beneficial
because such data provides a relative indication of the toughness of similar vessels.
However, this data must be used with caution because a material’s fracture toughness
data can have significant heat-to-heat variations, and data from one component may not
be necessarily applicable to another.
During a recent inspection of a 103-C heat exchanger in an ammonia plant, high
temperature hydrogen attack (HTHA) was noticed. The retirement of this vessel allowed
subsequent analysis of the attacked tube material.
The vessel, which had been in service close to 30 years, is a straight tube heat exchanger
with 1650 psig (11.4 MPa), 560°F (285ºC) steam on the shell side. On the tube side, the
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process gas operates at 445 psig (3.07 MPa) with an inlet temperature of 827°F (442ºC)
and outlet temperature of 615°F (324ºC). The process gas consists of approximately 42%
mole fraction hydrogen gas, equating to a hydrogen partial pressure of 185 psig (1.28
MPa). On the Nelson Diagram (Appendix D), the exchanger’s highest temperaturepressure point is located above the carbon steel line and below the 0.5Mo carbon steel
line. As shown on the Nelson Diagram, several HTHA cases have been noted around this
temperature-pressure point for 0.5Mo carbon steel. The tubes are 0.25 in. (6.35 mm)
thick, have an outside diameter (OD) equal to 1 in. (25.4 mm), and are made of 0.5Mo
carbon steel. All of the tubes were rolled into the tubesheet and seal welded. The roll
marks are clearly identified on the inside diameter (ID) of the tube.
Blistering is noted in virtually all of the hot tube ends located within the tubesheet length.
In this area, metallographic examination reveals a slight decarburized zone (Appendix E),
initiation of spherodizing, progressive attack of carbide phase, and various cracking along
the manganese sulphide paths and adjoining carbide phase. Extensive fissuring is not
noticed in this region. Outside the tubesheet, no blisters are noted and only a light
decarburization zone is found.
As a result of an attempted repair to this vessel prior to decommissioning, the tubesheet
and tube ends on both the cold and hot ends were subjected to repeated hydrogen bakeouts at 850ºF (454ºC) and stress relieving at 1200ºF (650ºC). Therefore, the testing
material has been subjected to significant out-gassing of hydrogen.

Figure 4-6: Tube samples selected from heat exchanger
(From left to right: Tube Nos. 1, 2, 3, 4, 5, 6, and 7)

A total of nine samples were taken randomly from five hot end exchanger tubes (Tube
Nos. 3-7). A sample each was taken from two additional tubes, selected from the
exchanger’s cold end (Tubes 1 and 2); these two samples were taken for control
purposes. The samples selected appear in Fig. 4-6. The designation “F1, F2, etc.” refers
to fracture toughness samples. Each tube is broken down into three zones.
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•

Zone No. 1 is the area of the tube within the tubesheet and is subject to rolling
and HTHA.

•

Zone No. 2 is the area outside the tubesheet.

•

Zone No. 3 is a specific area selected to represent the closest possible material
adjacent to obvious HTHA; this zone lies between Zone No. 1 and Zone No. 2
and is subject to rolling and, as pointed out later in this chapter, contains a
decarburized zone with relatively high hardness.

All zones, except Zone No. 2 at the hot end, appear to have been strain-hardened, likely
due to the thermal fluctuation stresses involved during startup and shutdown. Zone Nos.
1 and 3 received additional strain hardening when they were rolled into the tubesheet.
Table 4-1 outlines the tube and zone each sample has been taken. Subsequent reference
to a sample will be designated by the representative notation, T1Z2, meaning Tube No. 1
Zone 2. With the exception to the distinction made between cold and hot end tubes, data
comparison is intended to be based on the zones from which the samples have been
taken. As for reasons that will be discussed later, the designated control status of the
samples from Tube Nos. 1 and 2 (from the cold end) is not appropriate. No tube samples
were available that had not been exposed to hydrogen service and rolling. In the data
analysis phase, all data are compared to representative values of C-0.5Mo found in
literature. It should be remembered that all tubes were extensively out-gassed through
various bake-outs and stress reliefs prior to testing.
Table 4-1: Fracture sample tube and zone location

Zone 1
Tube #1
Tube #2
Tube #3
Tube #4
Tube #5
Tube #6
Tube #7
4.4

F2
F4
F7
F9

Zone 2
F1

Zone 3

F5
F8

F3
F6
F10
F11

Physical and Mechanical Features of Selected Specimens

Random chemical composition analysis was performed (Table 4-2); after five tubes were
tested, the results were noticed to be consistent with one another; Tube Nos. 6 and 7 were
therefore not analyzed, due to budgetary restraints. Macrohardness readings were taken
at the tube OD. The values listed in Table 4-3 are an average of three tests in each zone.
Overall the readings appear to be somewhat consistent. Zone No. 1 of Tubes 1, 2, and 7
appear to be rolled to greater extent than the other samples. Physical properties were
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obtained for all samples and appear in Table 4-4. Tensile tests were conducted per
ASTM E8 and strain hardening exponents were obtained as per ASTM E646.
Table 4-2: Chemical composition (weight percent)
Tube #1
Cold-end
.22

Tube #2
Cold-end
.22

Manganese

.42

.42

.43

.42

.42

Phosphorus

.007

.007

.008

.007

.007

Sulfur

.01

.011

.011

.07

.011

Silicon

.2

.2

.2

.2

.2

Nickel

.07

.07

.07

.07

.07

Molybdenum

.49

.48

.49

.48

.49

Chromium

.13

.13

.13

.13

.13

Copper

.09

.09

.09

.09

.09

Aluminum

.01

.01

.011

.008

.01

Carbon

Tube #3 Tube #4 Tube #5
Hot-end Hot-end Hot-end
.22
.19
.22

Table 4-3: Rockwell “B” hardness
Tube 1
Tube 2
Tube 3
Tube 4
Tube 5
Tube 6
Tube 7

Zone 1
86
83
80
79
78
78
84
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Zone 2
83
82
80
79
76
78
77

Zone 3
78
78
83
80
80
80
79

Table 4-4: Physical properties
F#

YS
UTS
ksi (MPa)
ksi (MPa)
T2Z1 F2
47 (324)
70 (483)
T3Z1 F4
50 (345)
65 (448)
T4Z1 F7
44 (303)
60 (414)
T5Z1 F9
*47 (324)
66 (455)
T1Z2 F1
65 (448)
72 (496)
T3Z2 F5
54 (372)
70 (483)
T4Z2 F8
*54 (372)
68 (467)
T3Z3 F3
*65 (448)
*73 (503)
T4Z3 F6
*65 (448)
*73 (503)
T6Z3 F10
*65 (448)
74 (510)
T7Z3 F11
*65 (448)
73 (503)
* indicates estimation due to unavailable data

4.5

Percent
Elongation
28
24
21
28
36
30
31
*28
*28
26
31

n, Strain Hardening
Exponent
.123
.171
.132
*.150
.062
.095
*.100
*.060
*.060
*.060
*.060

CTOD Testing

Due to the plastic region concerns of low alloy carbon steels, selection of a suitable
testing method was based on elastic-plastic fracture mechanics (EPFM). The two
commonly used techniques in EPFM are crack tip opening displacement (CTOD) and Jintegral testing. Both techniques are deemed plausible for providing reasonable results;
however, CTOD was selected due to budgetary restraints. Using CTOD allowed a
greater number of data points to be collected.
Rectangular section bend specimens were cut from the tubes along the longitudinal
direction (in the longitudinal- circumferential, or L-C, direction) (Fig. 4-3). Stepped
notches were used. The notch was machined along the cross-section of the tube surface.
This notch configuration allows a composite representation of the various properties
(decarburized zone, blistered areas, etc.) of the tube in evaluating material toughness.
ASTM Standard E1290-99 “Standard Test Method for Crack-Tip Opening Displacement
(CTOD) Fracture Toughness Measurement” [39] was followed as closely as possible.
Unfortunately, due to the small size of the specimen, the span-to-width (S/W) ratio was
not able to be held at 4. The dimensions of the specimen are shown in Table 4-5. As
observed, the actual S/W is 6.4. Thus, the increased flexibility in the specimen could
result in a greater fracture toughness than actually exists. Additional CTOD parameters,
which all fall within the guidelines of ASTM E1290-99, also appear in Table 4-5.
Graphical expression of the parameters shown in Table 4-5 are found in Figs. 4-3, 4-5,
and 4-7. The specimen surfaces were ground to 63 micro-inches (1.6 micro-meters) on
the sides and 125 micro-inches (3.175 micro-meters) on the edges.
Testing was conducted on a 20K (89 kN) pound servo-hydraulic MTS MN312.22. A 5K
(22 kN) pound load cell with a 500 pound (2.2 kN) calibrated range card was used. The
testing rate was 0.0005 inch/sec (0.0127 mm/sec). A pre-cracking sinusoidal frequency
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of 40 Hz was used and the number of cycles ranged from 37,000 to 93,000. All tests
were conducted at room temperature (72°F or 20ºC).
Table 4-5: CTOD data

0.124 (3.150)
0.249 (6.325)
0.067 (1.702)
1.595 (40.513)
0.0128-0.0409 (0.325-1.039)
0.44
0.465-0.504
96-137 (43.5-62.1)
71-73 (32.2-33.1)

B, in (mm)
W, in (mm)
Z, in (mm)
S, in (mm)
Vp*, in (mm)
Plastic Rotation Factor
ao/W
Max Load, lb (kg)
Final Precrack Load, lb (kg)

* Plastic component of clip gage mouth opening displacement (Fig. 3-5)
Upon testing, clip gage displacement (Vg, in.) was plotted against load (lbf) (Figs. 4-8, 49, 4-10, and Appendix C). Due to the plastic nature of the specimen, the plastic limit
load was achieved in all cases without any significant stable crack extension. Therefore,
all results indicated a δm, which is the first attainment of a maximum force plateau. Upon
completion of CTOD testing, the samples were cooled in liquid nitrogen and broken
(Fig. 4-7 and Appendix G). The pre-crack depth was measured using an optical
microscope. Fracture surface morphology was examined on some of the specimens using
a scanning electron microscope (SEM) (Figs. 4-11 thru 4-14, and Appendix F).

B

Brittle fracture
zone
Fatigue crack
zone

W

Machined
notch

ao

Stepped width
notch
Figure 4-7: Measuring initial crack length
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Figure 4-8: Strain hardened region (Representative Curve A): Load-displacement
chart
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Figure 4-9: Rolled, strain-hardened, and high decarburized zone hardness
(Representative Curve B): Load-displacement chart
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Figure 4-10: Rolled, strain-hardened, and blistered region (Representative Curve
C): Load-displacement chart

All load-displacement data obtained (Figs. 4-8, 4-9, 4-10, and Appendix C) follow the
typical carbon steel curvature, but with varying degree of plastic component
displacement. Both the Curve A and Curve B display similar elastic component
displacements (the initial linear portion of the curve). Curve C appears to have the same
linear slope, but the linear portion stops at a lower load, representative of the reduced
strength level induced by the blistering. Fig. 4-10 appears to be similar to a hydrogen
embrittlement test at low strain rates, as performed by Hagiwara and Oguchi [38]. This
comparison is only meant to provide resemblance of the action of blistering to
embrittlement.
Using Eq. [4.2] and the data presented in Table 4-5, Appendix C, Fig. 4-3 and Fig. 4-5,
CTOD calculations were performed. The results are presented in Table 4-6; calculations
were performed by the testing firm using a computer program. Spot check calculations
were performed by this author and found to match those provided by the testing firm.
Values of K, using Eq. 3.30 in Ch. 3, converted from the CTOD results also appear in
Table 4-6. Using the strain hardening component shown in Table 4-4, the component m
in Eq. [3.30], which is 1/dn in Fig. 3-9, is determined. For initial calculations the plane
strain condition is assumed. Quantity “σo/E” for all specimens equals approximately
0.002. A basic comparison of the control-specimen K values located in Table 4-6 is
made against those representative values of carbon steel specimen in Fig. 3-19; since
these values are similar (180 ksi-in1/2, 200 MPa-m1/2), the assumption of plane strain
condition is supported. All calculations have been performed on an Excel spreadsheet
(Appendix B).
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Table 4-6: CTOD and K
Specimen
F2 (T2Z1)
F4 (T3Z1)
F7 (T4Z1)
F9 (T5Z1)
F1 (T1Z2)
F5 (T3Z2)
F8 (T4Z2)
F3 (T3Z3)
F6 (T4Z3)
F10 (T6Z3)
F11 (T7Z3)

CTOD
in (mm)
.006 (.152)
.004 (.102)
.004 (.102)
.004 (.102)
.007 (.178)
.010 (.254)
.010 (.254)
.007 (.178)
.006 (.152)
.004 (.102)
.003 (.076)

K
ksi-in1/2 (MPa-m1/2)
153 (168)
137 (151)
121 (133)
129 (142)
158 (174)
180 (198)
180 (198)
158 (174)
146 (160)
120 (132)
104 (114)

One particular distinction made is that the control specimens F1 (T1Z2) and F2 (T2Z1)
have a lower fracture toughness value compared to F5 (T3Z2) and F8 (T4Z2). Recall that
F1 and F2 are from the cold end (615ºF, 324ºC) of the exchanger, while the remaining
samples are from the hot end (827ºF, 442ºC)). As noted in Ch. 2, recovery for steel
typically occurs in the 700-950ºF (370-510ºC) range. Thus, it is apparent that F5 and F8
have been subject to recovery, which has resulted in lessening of the dislocation density
and increasing of the fracture toughness. The fracture toughness values of F5 and F8
(180 ksi-in1/2, 200 MPa-m1/2) are the values representative of known carbon steel fracture
toughness. It is apparent from this observation that the cold end strain-hardening has
reduced the fracture toughness of the specimens by approximately 15%.
4.6

SEM and Fractography

Upon examining the fracture surfaces of the test specimens, multiple crack paths were
found created upon fatigue cycling. In Fig. 4-11, continued crack propagation at several
locations from the machined notch is observed. However, there also exist several new
fatigue cracks forming separate from the machined notch area. Morphology of a fatigue
crack region is shown in Fig. 4-12.
The morphology of the various sections of the fractured surfaces follows the typical
characteristic features. Figs. 4-12, 4-13, and 4-14 were taken using scanning electron
microscope (SEM). Fig. 4-12 represents striated surface typical of a fatigue crack
progression. Fig. 4-13 is an excellent example of microvoid coalescence which is
indicative of a ductile fracture. This fracture surface is generated during the CTOD
testing. Fig. 4-14 shows cleavage features of a brittle fracture. These features are created
during the fast fracture after cooling the specimen in liquid nitrogen.
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Existing
blister
New fatigue
cracks

Figure 4-11: Fractured specimen from blistered Zone 1 (T4Z1)

Fatigue
striations

Figure 4-12: Fatigue crack surface
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Figure 4-13: Ductile fracture

Figure 4-14: Brittle fracture
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Table 4-7: Microhardness locations
Location 1
Location 2
Location 3
Location 4
Location 5

4.7

Just inside the ID surface in decarburized layer
In the decarburized layer toward the mid-wall
In the non-decarburized layer toward the ID
At the mid-wall, non-decarburized
Just inside the OD surface

Microhardness Results

Microhardness tests were run spanning the wall thickness of the specimen. The locations
are as indicated in Table 4-7. The results are shown in Table 4-8. Multiple tests were
conducted at each location in order to obtain a representative value. A conversion table
for Vickers hardness to Rockwell B hardness is located in Appendix H.
Table 4-8: Microhardness results

Specimen
F2 (T2Z1)
F4 (T3Z1)
F7 (T4Z1)
F9 (T5Z1)
F1 (T1Z2)
F5 (T3Z2)
F8 (T4Z2)
F3 (T3Z3)
F6 (T4Z3)
F10 (T6Z3)
F11 (T7Z3)

Location
1
137
117
137
129
142
117
134
210
203
204
206

Vickers Hardness Readings 300g
Location Location Location Location
2
3
4
5
145
157
170
168
138
144
142
173
142
142
150
165
134
142
157
165
154
168
167
174
130
142
142
142
155
155
152
147
212
223
163
171
193
158
147
157
191
194
160
160
204
191
163
184

A rather intriguing observation is made with the microhardness values. All values for
Zone Nos. 1 and 2 are softer at the ID and increase in hardness toward the OD. However,
all four results from Zone 3 proceed in the opposite progression. As shown in Table 4-8,
the microhardness values in the Zone 3 decarburization area are significantly higher than
expected values obtained from hardness conversions using ultimate tensile strength data
(HB 95 compared to HB 80). The model SEM used was unable to confirm the suspicion
of a carbo-nitride phase forming. With the SEM model used, detection of the nitrogen
atom is at the limits of its capabilities due to the size of the atom; the carbon atom is not
detectable. Although it is possible the high hardness value results from a carbo-nitride
phase, no definitive conclusion can be made to support this claim. One other possibility
for the higher hardness value is that Zone #3, which is subject to the most severe thermal
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stresses, is experiencing a significantly greater amount of cold work. It is speculated that
although this region is subject to recovery temperatures, significant thermally-induced
cold deformation should have occurred during equipment shutdown and during the
subsequent heat treatments involved in the attempted repair. A light optical microscopy
of F3 shows the high density of dislocations, thereby agreeing with the notion of being
subject to significant cold-work (Appendix E).
As expected, except for Zone #3, the decarburized zone revealed softer material, with
increasing hardness progressing radially outward through the decarburized zone and into
the remaining metal substrate. Observation of the F5 (T3Z2) and F8 (T4Z2) samples in
Zone #2 reveal a typical carbon steel material, with all non-decarburized material having
a hardness equivalent to approximately 150 Vickers (or RB80). As noticed in Table 4-2,
the average macrohardness of the tube OD is RB80. Also, from known values of similar
material, approximate values of RB80 are found.
Cold end specimens F1 (T1Z2) and F2 (T2Z1) have higher hardness values than those
observed for F5 and F8. The higher hardness noticed in F1 and F2 appears to be caused
by cold rolling of the tubes without the benefit of operating within a recovery temperature
range. Consequently, the control status previously implied for F1 and F2 is not valid.
4.8

Design Evaluations

The following fitness-for-service evaluation of the heat exchanger from which the
samples were taken is based on the conditions set forth in Section 3.16 “Development of
Fracture Toughness Evaluations for HTHA”. In order for the exchanger tubes to be
classified as fit-for-service, all three conditions (“Lost Wall”, “Averaged Cross-Wall”
Fracture Toughness, and “Good” Dynamic Fracture Toughness) must produce
satisfactory results. This analysis considers no HTHA growth.
“LOST WALL” CONDITION:
In the field, HTHA inspections are made using ultrasonic (UT) testing techniques,
particularly when the area of HTHA can not be accessed (such as at the ID of a small
bore pipe or at the ID of any pipe that is protected internally by a liner and/or refractory).
The commonly used value for remaining wall in a “lost wall” calculation is that value
which the UT method provides. If the depth of attack is based on UT data, then it will be
considered as basic “lost wall”. Since UT testing is the predominant inspection tool in
the field for depth of attack, the calculations performed in this research follow this
industry practice of using basic “lost wall”.
Considering the specimen tube cross-section layout in Appendix E and using the fracture
toughness data presented in Table 4-6, the most materially degraded specimen appears to
be F11 (T7Z3) (fracture mechanics-wise) and F4 (T3Z1) (blister-wise, based on visual
observation). It should be noted that other HTHA cases are affected more by fissuring,
and thus, depth of attack should be judged by the fissuring penetration. Since the F4

71

specimen has the greatest depth of attack based on visual observation, if this specimen
passes, then all specimens pass this design condition. If F4 fails, further specimens will
have to be evaluated.
The specimens analyzed are somewhat non-typical, as they are extensively strainhardened, as noted by the yield strength of between 44-65 ksi (303-448 MPa) (compared
to typical values of 30 ksi (207 MPa)). The 65 ksi (448 MPa) values are located in Zone
#3 which are located at the edge of the tubesheet and subjected to the brunt of the thermal
stresses. Since these specimens are primarily degraded by blistering, the longitudinal
strength is essentially not affected. Thus, for this particular case, although longitudinal
stresses are significant, the hoop stress is considered the governing factor. Eq. [3.36] is
not an adequate tool for analyzing stress for these tubes as there exists pressure on both
the tube ID and OD and the tubes are considered “thick-walled”. An appropriate
equation can be obtained from a pressure vessel or mechanical engineering handbook.
Stresses are calculated using a pressure vessel equation of thick-walled construction (Eq.
51.15 in [40]) with all calculations appearing in Appendix B. The remaining wall
thickness for the basic “lost wall” case is tube wall thickness, 0.25 in. (6.35 mm), minus
the visually attacked zone. This depth of attack (“lost wall basic”) is found to be 30% of
the wall thickness. This gives a remaining wall value of 0.175 in. (4.445 mm).
Alternatively, the conservative “lost wall” depth could be used in place of the basic “lost
wall”.
The design pressure is 1650 psig (11.4 MPa) at the OD and 445 psig (3.1 MPa) at the ID.
Calculations result in a hoop stress equaling compressive stresses of 5667 psi (39.1 MPa)
at the ID and 4573 psi (31.5 MPa) at the OD. These stress values can be compared to the
case of the material suffering no HTHA. For this case the hoop stress equals a
compressive stress of 4358 psi (30.0 MPa) at the ID and 3153 (21.7 MPa) at the OD.
The preceding design analysis is conducted at operating conditions. However, the vessel
is subject to an internal sweeping nitrogen purge at approximately 445 psig at ambient
temperatures. A repeat of the calculations for stress (using Table 51.2 in [40]) gives
values of 1483 psi (10.2 MPa) at the ID and 1038 psi (7.2 MPa) at the OD. These
stresses in the non-HTHA case are 1000 psi (6.9 MPa) at the ID and 555 psi (3.8 MPa) at
the OD.
A standard allowable stress value for a typical C-1/2 Mo material at 850ºF (450ºF) equals
14,500 psi (100.0 MPa) (per ASME Section II, Part D [41]). However, knowing that
steel has a material strength much greater in compression than in tension, it is safe to
conclude that by noting the greatest stress value to be 5667 psi (39.1 MPa), the worst case
tube passes this first condition.
“AVERAGED CROSS-WALL” FRACTURE TOUGHNESS CONDITION:
As noted F11 (T7Z3) has the most degraded fracture toughness property (104 ksi-in1/2,
114 MPa-m1/2). The applied stress is the same as the “lost wall basic” stress already
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calculated, or σmax = 1483 psi (10.2 MPa) at ambient conditions. Material toughness
values at operating temperatures are much higher than at ambient temperatures and
operating stresses are compressive, which act to close a crack. Thus, only ambient
conditions in this case require evaluation.
Using Eq. [3.8] in Ch. 3 (with Y=1.12), acrit = 1200 in. (30,480 mm). This extraordinary
large critical crack length is due to the significantly low applied stress. Considering a
crack length equaling 0.25 in. (6.35 mm), which is the tube wall thickness, σcritical crack =
104 ksi (717 MPa). Hence, even at greater applied stress, the tubes of this exchanger will
fail due to plastic collapse prior to rapid (brittle) crack propagation, since σcritical crack ≥
σuts. This condition is also satisfactory.
“GOOD” DYNAMIC FRACTURE TOUGHNESS CONDITION:
Using Fig. 3-19 in Ch. 3, a KIR value is obtained. Tref is taken as -20ºF (-30ºC) following
ASME published conservative values. Thus, (T-Tref) = (72-(-20))ºF = 92ºF (33ºC). From
the chart, KIR equals approximately 70 ksi-in1/2 (77 MPa-m1/2), which is comparably
lower than the “averaged cross-wall” KIC value of 104 ksi-in1/2 (114 MPa-m1/2) noted in
the previous section.
Using the same applied stress as in the previous section, σmax = 1483 psi (10.2 MPa). Eq.
[3.8] (with Y=1.12) gives acrit = 565 in. (14,351 mm). Again, the extraordinary large
critical crack length is due to the significantly low applied stress. Considering a crack
length equal to 0.25 in. (6.35 mm), σcritical crack = 70 ksi (483 MPa), which is essentially
the same as the material’s ultimate strength. Thus, the tubes of this exchanger will fail
due to plastic collapse prior to rapid crack propagation, since σcritical crack ≥ σuts. However,
the equality between applied stress and ultimate tensile strength indicates that the failure
mechanism is on the verge of switching from plastic collapse to brittle failure at the
maximum possible stress state. Such a transition is important because the tubes begin to
move out of a region of “leak-before-rupture”. This final condition also produces
satisfactory results.
The thickness of the tubes evaluated for this exchanger (0.25 in, 6.35 mm) allows for
leak-before-rupture as long as there exists some “good” metal and temperatures do not
drop below those for which it was tested. However, in some situations, the critical crack
length, as calculated from LEFM, is less than the material thickness. In order to evaluate
the “good” dynamic fracture toughness condition, an “unaffected” thickness of material
would have to be identified. For example, for all Zone #3 specimens, “good” material is
noticed to begin at mid-wall, per micro-hardness values. Once the conservative “lost
wall” (tube wall thickness less “good” wall) exceeds the critical crack length, rapid
failure will ensue. For example, for Zone #3, once “lost wall conservative” exceeded
0.125 in. (3.175 mm) [0.25 in. (6.35 mm) tube wall less the 0.125 in. (3.175 mm) “good”
wall], rapid failure would occur, if the critical crack length is 0.125 in.
Notice that “good” wall conservatively constituted 50% wall thickness, whereas the
remaining wall in the “lost wall basic” case constituted 70% wall thickness. These two
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numbers could actually be proven to be closer by taking additional micro-hardness
readings between the decarburized zone and mid-wall.
4.9

Discussion

After performing the fitness-for-service evaluation for the 103-C heat exchanger, the
vessel is considered acceptable for continued service in the present state of HTHA. The
vessel was actually retired due to hydrogen embrittlement cracking found on the
tubesheets that could not be removed by grinding. These cracks likely originated as a
result of a combination of thermal stresses and high hydrogen content, occurring during
startup and shutdown at moderate temperatures. Foregoing the tubesheet cracking, a
fitness-for-service evaluation based on HTHA would have to be completed considering
design life and expected progression of the HTHA into the material.
Investigation was made into having Charpy V-Notch samples taken; however, it was
learned that a minimum cross-section of 0.40 in. (10 mm) is required in order to properly
induce a notch effect. The tube samples only provide 0.25 in. (6 mm), and thus, Charpy
tests were not performed.
The data obtained in this experiment is only from one vessel, one type of material, one
type of heat treatment, a particularly small size, and of a HTHA which is predominantly
blistering with small scale fissuring and decarburization. The intent of this experiment
was to provide some degree of knowledge on the degradation caused by HTHA and to
lay the ground work for future testing and validation. Many of the vessels used in a
specific plant could be of the same material, heat treatment, etc., and the data obtained in
this experiment would be applicable; however, when different materials or different
degrees of attack are encountered, samples will have to be obtained and tested more
exhaustively.
It is the intention that evaluations of HTHA based on this approach narrow down to only
the relevant conditions. For example, if a material is subject to extensive HTHA such
that a valid fracture toughness can not be obtained, then only Condition Nos. 1 and 3 are
evaluated. All evaluations are intended to be evaluated at least by Condition No. 3.
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CHAPTER 5: CONCLUSIONS AND FINAL COMMENTARY
The original objective of this research was to determine how to properly apply fracture
mechanics to HTHA material and to provide a case study of how to proceed in evaluating
this degradation mechanism. A three condition design procedure has been presented
along with the accompanying theory and justification. These three conditions include the
following:
•

Evaluate the material through typical plastic collapse design equations
considering the HTHA region as “lost wall”.

•

Consider an average fracture toughness of the HTHA material. The critical
crack length must exceed “lost wall conservative” plus any expected HTHA
growth by an allowable margin of safety.

•

Consider “lost wall conservative” as a dynamic crack, which is being arrested
by non-affected, or “good” toughness material. Compare the critical crack
length to an allowable crack length, which at a minimum must exceed the
depth of “lost wall conservative” by an acceptable margin of safety.

Various data is presented by known standards for typical fracture toughness values of
carbon steel materials, for both the static and dynamic cases. Supporting data such as Tref
and temperature shift from static to dynamic cases have been presented.
An overview of the typical progression of a design evaluation of HTHA materials
follows:
•

Inspection is performed to identify material subject to HTHA (Appendix I).

•

A depth of attack and extensiveness of attack is determined (Appendix I).

•

The cause of the attack is determined and the existing and future rates of
HTHA are estimated. If possible, action is taken to eliminate the source of
HTHA (i.e., repair liner and/or insulation).

•

Determine a planned life for the equipment.

•

Design evaluations presented in this research are used to determine fitnessfor-service of the equipment.

•

Monitoring of the equipment is performed.

Much research has been made into the areas of HTHA detection. In general terms,
ultrasonics techniques, including backscatter measurement and velocity ratio
measurement (as well as time-to-flight diffraction for weld material), are used to detect
HTHA at the cracking stage after micro-cracks and/or blistering has occurred. In order
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for HTHA to be detectable, the required depth of attack has been reported by Timmins
[8] to be 20% wall thickness and by Trimborn and Verkooigien [42] to be 10% wall
thickness. Thus, in order to use the design techniques presented in this research based on
ultrasonic evaluations alone, the material must at a minimum be able to sustain a critical
crack length equal to the minimum detectable HTHA depth. For many probable or
suspect HTHA locations, in-situ SEM analysis is performed after removing varying
amounts of surface metal by light grinding. In-situ SEM is used to support the ultrasonic
evaluations as often as possible.
Rate of HTHA is a difficult subject matter due to the intense complexities involved.
Many times even similar equipment in similar services can be attacked at varying rates.
Much conservatism is used when defining a HTHA growth rate. Both theoretical and
field data must be used together to produce dependable results. The original motivation
for performing this research occurs when a material is damaged due to liner or refractory
failure. In these cases the liner and/or refractory can be repaired and the HTHA growth
rate stopped (considering the liner/refractory is not damaged again in the same location).
In fact, in the ammonia industry, this particular case is quite prevalent for the “CrossOver Line” located between the 101-C (Waste Heat Recovery Boiler) and the 103-D
(Secondary Reformer), and for the “Transfer Line” exiting the 101-B (Primary
Reformer).

Figure 5-1: Failure of a “Cross-Over Line” due to HTHA
Fig. 5-1 [43] represents a failure of a “Cross-Over Line” in an ammonia plant. An
obvious observation is that the line failed in a fast “brittle” manner, as noticed by the
negligible thinning of the material rupture zone. This line is virtually always made out of
plain carbon steel. It has been reported that the line ruptured after startup. Thus, there is
a distinct possibility that during the nitrogen sweeping of the line during startup, that
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significant damage (stable crack extension) occurred. The line is believed to have failed
at operating (high) temperatures. The metal is expected to initially have had sufficient
toughness at operating conditions since the line survived the cooler startup condition. It is
imperative to understand that HTHA in such a line can be localized to a point that wide
spread failure of the line does not occur. Also, during the temperature heating and
cooling cycles, thermal stresses can result in significant stable crack growth (particularly
in the case for HTHA where numerous small cracks already exist). It is likely that
during startup a stable crack grew or even a localized brittle failure occurred (with the
“good” material around it arresting further crack growth). In this case of flowing process
gas through a crack, high pressure and high temperature hydrogen can have an immediate
impact on a material’s fracture toughness property though HTHA. It is likely that the
area around the leak rapidly deteriorated until the ultimate failure occurred.
When liner/refractory fails, the metal is typically not subject to flowing hot process gas.
The lines are protected with gas checks that produce essentially static gas conditions at
the metal surface. Thus, a crack allows flow through a material and subjects it to much
greater and quicker degradation than normal liner/refractory failure.
The above case history presents a potential downfall of the HTHA design conditions set
forth in this research. In all likelihood, the calculated critical crack length for this case
was greater than the shell thickness. Thermal stresses during startup in combination with
radial fissuring or cracking from existing HTHA resulted in stable crack growth. The
design conditions, and fracture mechanics in general, indicate that this is acceptable as
long as the crack length does not exceed the critical crack length. Leak-before-rupture is
an acceptable circumstance. Unfortunately, for HTHA, if a leak is not detected in an
acceptable time frame, the material’s fracture resistance degrades rapidly upon
progression of HTHA.
Fracture toughness testing for Kavg in Condition No. 2 in the HTHA evaluation method
was performed considering a crack growing across the wall thickness in the longitudinal
direction. The actual evaluation condition considers a crack growing radially, which
requires a toughness value in the radial direction. To properly analyze an appropriate
toughness value, a notch would have to be scribed at the decarburized surface and then
the crack is made to grow progressively toward the “good” material. An “R-curve”
analysis would have to be conducted. Such a study would be an extension of this
research and its benefit would be to prove that both toughness values in the longitudinal
and radial directions are similar.
The intent of the HTHA evaluation condition is if one of the conditions is not applicable
(expected to be Condition No. 2), then only Condition Nos. 1 and 3 require successful
evaluation. Such a case would occur in the presence of a severely attacked material. The
curvature of the fatigue or crack propagation paths would not allow an appropriate
evaluation technique for determining the crack lengths, and ultimately fracture toughness.
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APPENDIX A: SAMPLES SELECTED

•

Tube numbering is located at the bottom of each tube. Each tube has sample
locations identified by T1, T2, T3, etc., for tensile test sample locations and by
F1, F2, F3, etc., for fracture test samples
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APPENDIX B: TEST DATA AND CALCULATIONS
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APPENDIX C: TEST DATA

SPECIMENS
A. Seven heat exchanger tube samples were submitted for testing. Each tube was
marked with the location where the test specimens were to be removed.
CTOD TESTING
1.

CTOD specimens were removed from the tubes in the locations marked. The
specimens were removed in the L-C direction. All specimens were pre-cracked and
tested per ASTM E1290 at room temperature (72°F). The results are summarized as
follows:
CTOD
[inches]
δm=0.007
δm=0.006
δm=0.007
δm=0.004
δm=0.010
δm=0.006
δm=0.004
δm=0.010
δm=0.004
δm=0.004
δm=0.003

Specimen
F-1 (Z2)
F-2 (Z1)
F-3 (Z3)
F-4 (Z1)
F-5 (Z2)
F-6 (Z3)
F-7 (Z1)
F-8 (Z2)
F-9 (Z1)
F-10 (Z3)
F-11 (Z11)

2.

The datasheets load – displacement traces and a photograph of the fractures are
attached.

TENSILE TESTING
3.

Tensile specimens were removed and tested per ASTM E8. Additionally, the full
load – strain curve was acquired for determination of the strain hardening exponent
per ASTM E646. The results follow:
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Specimen
T-1
T-2
T-4
T-5
T-7
T-8
T-9
T-10
T-11

4.

Yield
Tensile
Strength Strength
[psi]
[psi]
64,900
72,000
47,500
70,400
49,700
64,600
54,300
69,800
44,600
59,800
*
68,000
*
66,400
*
74,100
*
73,100
*not obtained

%
Elongation
36.0
28.1
24.4
30.0
20.6
30.8
28.4
25.8
30.7

Strain
Hardening
Exponent,
n
0.062
0.123
0.171
0.095
0.132
*
*
*
*

Strength
coefficient,
K
4.504
4.725
4.864
6.945
7.261
*
*
*
*

Standard
Deviation
of the n
value
0.0841
0.0659
0.0658
0.0239
0.0223
*
*
*
*

Data is appended as Excel File.

MICROHARDNESS TESTING
5.

Microhardness tests were run spanning the wall thickness of the metallographic
mounts listed. The locations are as follows:
Location 1
Location 2
Location 3
Location 4
Location 5

Just inside the ID surface in decarburized layer
In the decarburized layer toward the mid-wall
In the non-decarburized layer toward the ID
At the mid-wall, non-decarburized
Just inside the OD surface
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6.

The results follow:

Specimen
F-1
F-2
F-3
F-4
F-5
F-6
F-7
F-8
F-9
F-10
F-11

Vickers Hardness Readings 300g
Location Location Location Location Location
1
2
3
4
5
142
154
168
167
174
137
145
157
170
168
210
212
223
163
171
117
138
144
142
173
117
130
142
142
142
203
193
158
147
157
137
142
142
150
165
134
155
155
152
147
129
134
142
157
165
204
191
194
160
160
206
204
191
163
184
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Specimen
Material
Test Temp [F]
Yield Strength Sy [psi]
Tensile Strength UTS [psi]
Modulus of Elasticity E [psi]
Poisson's Ratio nu
Thickness B [inches]
Net Thickness Bc [inch]
Width W [inch]
Knife Edge Height Z [inches]
Span S
Plastic rotation factor [E1290]
Max Load P [lbs]
Vp [inches]
a1 [inch]
a2 [inch]
a3 [inch]
a4 [inch]
a5 [inch]
a6 [inch]
a7 [inch]
a8 [inch]
a9 [inch]
aedge [inch]
aavg [inch]
a0/W
f(a0W)
CTOD [inches]
CTOD [mm]
Fracture Type
Validity
Precrack Cycles
Final Precrack Load [lbf]

1
TUBE
ROOM
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
126
0.0308
0.113
0.124
0.126
0.128
0.1285
0.131
0.126
0.1235
0.122
0.118
0.126
0.504
2.699
7.06E-3
0.179

2
TUBE
ROOM
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
132.7
0.0267
0.1185
0.1215
0.125
0.1265
0.1275
0.1265
0.124
0.122
0.119
0.119
0.124
0.498
2.645
6.28E-3
0.160

3
TUBE
ROO
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
136.9
0.0278
0.113
0.1155
0.117
0.118
0.1235
0.122
0.118
0.1155
0.111
0.112
0.118
0.473
2.446
6.91E-3
0.175

m
Valid
50000
71

m
Valid
65000
72

m
Valid
93000
72
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Specimen
Material
Test Temp [F]
Yield Strength Sy [psi]
Tensile Strength UTS [psi]
Modulus of Elasticity E [psi]
Poisson's Ratio nu
Thickness B [inches]
Net Thickness Bc [inch]
Width W [inch]
Knife Edge Height Z [inches]
Span S
Plastic rotation factor [E1290]
Max Load P [lbs]
Vp [inches]
a1 [inch]
a2 [inch]
a3 [inch]
a4 [inch]
a5 [inch]
a6 [inch]
a7 [inch]
a8 [inch]
a9 [inch]
aedge [inch]
aavg [inch]
a0/W
f(a0W)
CTOD [inches]
CTOD [mm]
Fracture Type
Validity
Precrack Cycles
Final Precrack Load [lbf]

4
TUBE
ROOM
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
106
0.0155
0.1135
0.115
0.118
0.12
0.1255
0.123
0.1155
0.114
0.1115
0.113
0.118
0.474
2.453
3.85E-3
0.098

5
TUBE
ROOM
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
136.6
0.0409
0.11
0.115
0.117
0.1215
0.1195
0.1195
0.118
0.116
0.111
0.111
0.117
0.470
2.429
10.08E-3
0.256

6
TUBE
ROOM
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
125.6
0.0242
0.1165
0.121
0.124
0.124
0.128
0.124
0.1235
0.1195
0.115
0.116
0.122
0.492
2.595
5.76E-3
0.146

m
Valid
43000
72

m
Valid
79000
71

m
Valid
57000
73
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Specimen
Material
Test Temp [F]
Yield Strength Sy [psi]
Tensile Strength UTS [psi]
Modulus of Elasticity E [psi]
Poisson's Ratio nu
Thickness B [inches]
Net Thickness Bc [inch]
Width W [inch]
Knife Edge Height Z [inches]
Span S
Plastic rotation factor [E1290]
Max Load P [lbs]
Vp [inches]
a1 [inch]
a2 [inch]
a3 [inch]
a4 [inch]
a5 [inch]
a6 [inch]
a7 [inch]
a8 [inch]
a9 [inch]
aedge [inch]
aavg [inch]
a0/W
f(a0W)
CTOD [inches]
CTOD [mm]
Fracture Type
Validity
Precrack Cycles
Final Precrack Load [lbf]

7
TUBE
ROOM
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
96
0.019
0.1205
0.1255
0.127
0.1255
0.1265
0.124
0.118
0.121
0.1205
0.121
0.124
0.496
2.629
4.43E-3
0.112

8
TUBE
ROOM
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
126.8
0.0392
0.114
0.1175
0.119
0.1185
0.121
0.12
0.1165
0.1145
0.1115
0.113
0.117
0.472
2.439
9.60E-3
0.244

9
TUBE
ROOM
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
102.7
0.0158
0.105
0.112
0.12
0.122
0.121
0.1155
0.115
0.113
0.1115
0.108
0.116
0.465
2.391
3.99E-3
0.101

m
Valid
37000
73

m
Valid
63000
72

m
Valid
39000
72
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Specimen
Material
Test Temp [F]
Yield Strength Sy [psi]
Tensile Strength UTS [psi]
Modulus of Elasticity E [psi]
Poisson's Ratio nu
Thickness B [inches]
Net Thickness Bc [inch]
Width W [inch]
Knife Edge Height Z [inches]
Span S
Plastic rotation factor [E1290]
Max Load P [lbs]
Vp [inches]
a1 [inch]
a2 [inch]
a3 [inch]
a4 [inch]
a5 [inch]
a6 [inch]
a7 [inch]
a8 [inch]
a9 [inch]
aedge [inch]
aavg [inch]
a0/W
f(a0W)
CTOD [inches]
CTOD [mm]
Fracture Type
Validity
Precrack Cycles
Final Precrack Load [lbf]

93

10
TUBE
ROOM
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
119
0.0141
0.1155
0.1195
0.122
0.1215
0.1215
0.1205
0.1195
0.1205
0.116
0.116
0.120
0.482
2.519
3.51E-3
0.089

11
TUBE
ROOM
64,860
71,970
30.0E+6
0.3
0.124
0.124
0.249
0.067
1.595
0.44
120.2
0.0128
0.1195
0.1215
0.1215
0.1255
0.126
0.123
0.123
0.1225
0.115
0.117
0.123
0.492
2.597
3.15E-3
0.080

m
Valid
52000
72

m
Valid
54000
71

F-2
150
140
130
120
110
100

Load [lbf]

90
80
70
60
50
40
30
20
10
0
0

0.005

0.01

0.015

0.02

0.025

0.03

0.035

0.04

0.045

0.05

0.035

0.04

0.045

0.05

Clip Gage Displecement [in]

F2 (T2Z1)
F-3
150
140
130
120
110
100

Load [lbf]

90
80
70
60
50
40
30
20
10
0
0

0.005

0.01

0.015

0.02

0.025

0.03

Clip Gage Displacement [in]

F3 (T3Z3)

94

F-4
150
140
130
120
110
100

Load [lbs]

90
80
70
60
50
40
30
20
10
0
0

0.005

0.01

0.015

0.02

0.025

0.03

0.035

0.04

0.045

0.05

Clip Gage Displacement [inches]

F4 (T3Z1)
F-5
150
140
130
120
110
100

Load [lbf]

90
80
70
60
50
40
30
20
10
0
0

0.005

0.01

0.015

0.02

0.025

0.03

0.035

0.04

Clip Gage Displacement [in]

F5 (T3Z2)

95

0.045

0.05

0.055

0.06

0.065

0.07

F-6
150
140
130
120
110
100

Load [lbf]

90
80
70
60
50
40
30
20
10
0
0

0.005

0.01

0.015

0.02

0.025

0.03

0.035

0.04

0.045

0.05

0.035

0.04

0.045

0.05

Clip Gage Displacement [in]

F6 (T4Z3)
F-7
150
140
130
120
110
100

Load [lbf]

90
80
70
60
50
40
30
20
10
0
0

0.005

0.01

0.015

0.02

0.025

0.03

Clip Gage Displacement [in]

F7 (T4Z1)

96

F-8
150
140
130
120
110
100

Load [lbf]

90
80
70
60
50
40
30
20
10
0
0

0.005

0.01

0.015

0.02

0.025

0.03

0.035

0.04

0.045

0.05

0.035

0.04

0.045

0.05

Clip Gage Displacement [in]

F8 (T4Z2)
F-9
150
140
130
120
110
100

Load [lbf]

90
80
70
60
50
40
30
20
10
0
0

0.005

0.01

0.015

0.02

0.025

0.03

Clip Gage Displacement [in]

F9 (T5Z1)

97

T-5
75
70
65
60
55
50

Stress [Ksi]

45
40
35
30
25
20
15
10
5
0
0

0.02

0.04

0.06

0.08

0.1

0.12

0.14

0.16

0.18

0.2

0.22

Extensometer Displacement [inches]

Tensile test (T3Z2) with strain hardening component analysis

98

0.24

99

100

101

102

Tube #1

103

Tube #2

104

Tube #3

105

Tube #4

106

Tube #5

107

APPENDIX D: NELSON DIAGRAM

108

APPENDIX E: LIGHT MICROSCOPY IMAGES

F1 (T1Z2)

F2 (T2Z1)

F3 (T3Z3)

F4-0 (T3Z1)

F4-1 (T3Z1)

F4-2 (T3Z1)

F5 (T3Z2)

F6(T4Z3)

F7 (T4Z1)

F8 (T4Z2)

F9-0 (T5Z1)

F9-1 (T5Z1)

109

F9-2 (T5Z1)

F10 (T6Z3)

110

F11 (T7Z3)

F1-0 (T1Z2)

F1-1 (T1Z2): ID surface (500X)

F1-2 (T1Z2): Decarburization (E500X)

F2-0 (T2Z1)

F2-1 (500X) (T2Z1): ID surface
•
•
•

F2-2 (T2Z1): Decarburization (E500X)

The numbering system behind F1, F2, F3, etc., is a sequential numbering
system of the light microscopy taken of that particular sample.
E means etched
100X, 500X means magnification level.
111

F3-0 (T3Z3)

F3-1 (T3Z3): ID surface (500X)

F3-2 (T3Z3): Decarburization
Zone (notice cold
work) (E500X)

F4-0 (T3Z1)

112

F4-1 (T3Z1)

F4-2 (T3Z1)

F4-3 (T3Z1): Blistering along MnS (E100X)

113

F4-4 (T3Z1): Crack connecting two MnS bodies (500X)

F4-5 (T3Z1): Crack connecting two MnS bodies (E500X)
114

F4-6 (T3Z1): Cracking along MnS stringer (notice decarburization occurring
along stringer subject to cracking (100X)

F4-7 (T3Z1): Decarburization near cracking (E500X)

115

F4-8 (T3Z1): Cracking (500X)

F4-9 (T3Z1): Cracking through carbide (E500X)

116

F3-2 (T3Z3): Decarburization zone (notice cold work) (E500X)

F5-0 (T3Z2)

F5-1 (T3Z2): ID surface (500X)

117

F5-2 (T3Z2): Decarburization zone (E500X)

F6-0 (T4Z3)

F6-1 (T4Z3): ID surface (500X)

118

F6-2 (T4Z3): Decarburization zone (E500X)

F7-0 (T4Z1)

F7-1 (T4Z1)

119

F7-2 (T4Z1): Light radial cracking along ID (500X)

F8-0 (T4Z2)

F8-1 (T4Z2): ID surface (500X)

120

F8-2 (T4Z2): Decarburized zone (E500X)

F9-0 (T5Z1)

F9-1 (T5Z1)

121

F9-2 (T5Z1)

F9-3 (T5Z1): Longitudinal cracking (100X)

F9-4 (T5Z1): Cracking along MnS stringers (E100X)

122

F10-0 (T6Z3)

F10-1 (T6Z3): ID surface cracking (500X)

F10-2 (T6Z3): ID surface cracking (E500X)

123

F11-0 (T7Z3)

F11-1 (T7Z3)

F11-2 (T7Z3): Cracking (500X)

124

F11-3 (T7Z3): Cracking along carbides (E500X)

125

APPENDIX F: SCANNING ELECTRON MICROSCOPE IMAGES

F7-1 (T4Z1): Fracture surface
•

The number behind F7 (i.e., F7-1) is a sequential numbering system of
photographs for a particular sample.

126

F7-2 (T4Z1): Fatigue zone

127

F7-3 (T4Z1): Fatigue zone

128

F7-4 (T4Z1): Microvoid coalescence (MVC) resulting from CTOD testing, located in
fatigue zone

129

F7-5 (T4Z1): MVC resulting from CTOD testing, located in fatigue zone

130

F7-6 (T4Z1): MVC resulting from CTOD testing, located in fatigue zone

131

F7-7 (T4Z1): Blister in transition from machined notch to fatigue zone

132

F7-8 (T4Z1): New fatigue cracks forming

133

F7-9 (T4Z1): Morphology representative of fatigue (striations), located in fatigue zone

134

F7-10 (T4Z1): Transition between MVC and machined notch

135

F7-11 (T4Z1): Cleavage fracture, located in brittle fracture zone

136

F7-12 (T4Z1): Full cross-section view

137

F7-13 (T4Z1): Cleavage fracture, located in brittle fracture zone

138

F7-14 (T4Z1): Transition between MVC and cleavage fracture

139

F7-15 (T4Z1): Blister located in fatigue zone

140

F7-16 (T4Z1): Blister located at transition between MVC and machined notch

141

F7-17 (T4Z1): Machined notch surface

142

F7-18 (T4Z1): Machined notch surface

143

F7-19 (T4Z1): Transition between machined notch and stepped notch

144

F7-20 (T4Z1): Montage of transition between machined notch and fatigue zone

F7-21 (T4Z1): Montage of transition between machined notch and fatigue zone

145

F7-22 (T4Z1): Montage of transition between machined notch and fatigue zone

F7-23 (T4Z1): Montage of transition between machined notch and fatigue zone

146

APPENDIX G: FRACTOGRAPHY

F1-0 (T1Z2): Cross-section view

F1-1 (T1Z2): Fatigue zone (left), machined notch (center), and stepped notch (right)
•

The number behind F1, F2, F3, etc., (i.e., F1-0), is a sequential numbering
system of fractographs of a particular sample.
147

F2-0 (T2Z1): Cross-section view

F2-1 (T2Z1): Fatigue zone (left), machined notch (center), and stepped notch (right)

148

F3 (T3Z3): Cross-section view

F3-1 (T3Z3): Fatigue zone (left), machined notch (center), and stepped notch (right)

149

F4-0 (T3Z1): Cross-section view

F4-1 (T3Z1): Fatigue zone (left), machined notch (center), and stepped notch (right)

150

F5-0 (T3Z2): Cross-section view

F5-1 (T3Z2): Fatigue zone (left), machined notch (center), and stepped notch (right)

151

F6-0 (T4Z3): Cross-section view

F6-1 (T4Z3): Fatigue zone (left), machined notch (center), and stepped notch (right)

152

F7-0 (T4Z1): Cross-section view

F7-1 (T4Z1): Fatigue zone (left), machined notch (center), and stepped notch (right)

153

F8-0 (T4Z2): Cross-section view

F8-1 (T4Z2): Fatigue zone (left), machined notch (center), and stepped notch (right)

154

F9-0 (T5Z1): Cross-section view

F9-1 (T5Z1): Fatigue zone (left), machined notch (center), and stepped notch (right)

155

F10-0 (T6Z3): Cross-section view

F10-1 (T6Z3): Fatigue zone (left), machined notch (center), and stepped notch (right)

156

F11-0 (T7Z3): Cross-section view

F11-1 (T7Z3): Fatigue zone (left), machined notch (center), and stepped notch (right)

157

Scale

158

APPENDIX H: HARDNESS CONVERSION CHART

159

APPENDIX I: NDE TECHNIQUES

160
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